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FOREWORD 


This is the Final Report covering the activities performed under NASA Contract NAS3- 
23943, “Thermal Barrier Coating Life Prediction Model Development.” It was prepared by 
the Engineering Materials Technology Laboratories (EMTL) of GE Aircraft Engines, Cincin- 
nati, Ohio. Dr. R.V. Hillery was the General Electric Program Manager and Mr. B.H. Pilsner 
was the Principal Investigator. 

Dr. R.L. McKnight, Mr. T.S. Cook, and Mr. M.S. Hartle, in addition to conducting the 
model development effort described in Section 4.0 of this report, also performed finite ele- 
ment analyses and thermomechanical experiments. Dr. J.A. Nesbitt was the Project Manager 
for NASA Lewis Research Center. 
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1.0 SUMMARY 


This report describes the work performed on a program to determine the predominant 
modes of degradation of a plasma-sprayed thermal barrier coating (TBC) system and to 
develop and verify life prediction models accounting for these degradation modes. The 
primary TBC system consisted of a low pressure plasma-sprayed NiCrAlY bond coat, an air 
plasma-sprayed Zr 02 -Y 203 top coat, and a Rene 80 substrate. The work was divided into 
three technical tasks. 

It was established through a literature survey and through past experience that the primary 
failure mode that needed to be addressed was loss of the zirconia layer through spalling. 
Experiments were performed which showed that oxidation of the bond coat is a significant 
contributor to coating failure. It was evident from the test results that the species of oxide 
scale that is initially formed on the bond coat plays an instrumental role in coating degrada- 
tion and failure. It was also shown that elevated temperature creep of the bond coat plays a 
role in coating failure. 

Also as a part of the first task, several key properties of the bond coat and top coat were 
measured. These included tensile strength, elastic modulus, Poisson’s ratio, and coefficient 
of thermal expansion. An empirical model was developed for predicting the test life of 
specimens with selected coating, specimen, and test condition variations. 

In the second task, a coating life prediction model was developed based on the data from 
Task I experiments, results from thermomechanical experiments performed as part of Task II, 
and finite element analyses of the TBC system during thermal cycles. Both time-independent 
plastic flow and time-dependent creep deformation were included in the analyses. An in- 
ference method was used in .the development of the model since the processes involved in 
TBC failure are not generally directly observable. 

The effort in the third and final task attempted to verify the validity of the model developed 
in Task II. This was done by using the model to predict the test lives of several coating varia- 
tions and specimen geometries, then comparing these predicted lives to experimentally deter- 
mined test lives. It was found that the model correctly predicts trends, but that additional 
refinement is needed to accurately predict coating life. 



2.0 INTRODUCTION 


The objectives of this program were to determine the predominant modes of degradation 
of a plasma-sprayed thermal barrier coating system and to develop and verify life prediction 
models accounting for these degradation modes. The program was planned to be completed 
in two phases, each consisting of several tasks. 

The work in Phase I was aimed at identifying the relative importance of the various failure 
modes for the selected thermal barrier coating system, and developing and verifying a life 
prediction model for the predominant mode. The TBC system consisted of a low pressure 
plasma-sprayed (LPPS) Ni-22Cr-10Al-0.3Y bond coat (0.13 mm thick) and a plasma-sprayed 
ZrC>2-8%Y203 top coat (0.25 mm thick) on conventionally-cast Rend 80 alloy substrate. Task 
I identified the relative importance of the various failure modes for the baseline coating sys- 
tem through the design and performance of a series of experiments. Preliminary models were 
developed and evaluated. Task I also included determination of several key properties of the 
coating materials such as tensile strength, Poisson’s ratio, dynamic modulus, and coefficient 
of thermal expansion. 

In Task II, life prediction models for the predominant failure modes were developed. This 
was accomplished by performing finite element analyses and thermomechanical fatigue 
experiments, thus creating a life prediction model by means of a combined analytical and 
experimental program. 

These models were verified in Task III through a series of tests and analyses. The results 
obtained from this task provide a better understanding of the behavior of TBC systems and 
the suitability of the developed models. This understanding was used to formulate recommen- 
dations for further research required to arrive at a fully satisfactory engine life prediction 
methodology. 

The work planned for Phase II would develop design-capable, causal, life prediction 
models for thermomechanical and thermochemical failure modes, and for the exceptional con- 
ditions of foreign object damage and erosion. The integration of appropriate combinations of 
models into a comprehensive life prediction model would be accomplished and the integrated 
model would be exercised through a combination of critical tests and analyses to determine 
its applicability and accuracy. 

This report describes the work performed on the first phase of this project. 
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3.0 TASK I - FAILURE MECHANISM DETERMINATION 


The objective of this task was to experimentally and analytically identify the relative 
importance of the various degradation and failure modes of the selected TBC system. First, 
a literature search was performed to assess the available knowledge on potential failure 
mechanisms of plasma-sprayed TBC systems and how bond coat and top coat modifications 
affect these failure mechanisms. Spalling of the ceramic layer was considered the primary 
problem to be addressed; therefore, initial Task I efforts were directed at evaluating failure 
mechanisms associated with spallation. 

3.1 Literature Review 

Generally, state-of-the-art thermal barrier coatings utilize two-layer coating systems. The 
systems consist of MCrAlX (M = Ni or Co or both; X = Hf, Zr, or Y) bond coats and ZrC>2- 
Y 2 O 3 top coats. Three-layer systems have been investigated, (1,2) where an extra layer of 
“graded” bond coat and top coat material is incorporated between the bond coat and the top 
coat (to reduce the effect of thermal expansion mismatch). However, these three-layer sys- 
tems have resulted in a shorter thermal cycle life than two-layer systems (2). The shorter life 
is associated with significant oxidation of the metallic bond coat material in the graded layer 
resulting from larger bond coat material surface area. Numerous studies have also shown that 
the composition and physical characteristics of both the bond coat and top coat are extreme- 
ly important in determining thermal cycle life. 

3.1.1 Bond Coating 

The primary role of the bond coat in a TBC system is to provide good adhesion between 
the metal substrate and the ceramic top coat, while providing good oxidation protection to the 
underlying substrate alloy. Numerous studies have demonstrated that oxidation of the bond 
coat can significantly affect spalling (3-6). For this reason, bond coat compositions have 
evolved from early Ni-Cr and Ni-Al compositions to the currently used MCrAlX composi- 
tions. Similarly, dense and more oxidation-resistant (lower levels of internal oxidation) bond 
coat layers produced by the low pressure plasma spray (LPPS) process have been shown to 
have longer thermal cycle life than porous air plasma-sprayed bond coat layers of the same 
chemical composition (1, 7). Hence, both chemical and processing changes have resulted in 
TBCs with longer thermal cycle lives. 

Small changes in bond coat composition can also strongly affect thermal cycle life. Studies 
by Stecura have shown that the presence of small quantities of yttrium (0.1-1.0 wt.%) in the 
bond coat are critical (3). His studies indicate that TBC systems that utilize bond coats without 
yttrium fail very rapidly. Investigations have also shown that critical levels of Cr and A1 are 
necessary to produce TBCs with long lives (3, 8). The same holds true for bond coat thick- 
ness, where a certain minimum thickness is required (3, 8). In all cases, changes to the bond 
coat have been linked primarily to improving the oxidation resistance of that layer. 
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Several studies have been aimed at evaluating the effects of bond coat oxidation and 
developing models based on oxidation as a primary TBC failure mechanism (9-11). In one 
study, Miller noted similar weight gains (due to oxidation) at failure of specimens with a 
CaSi04/MCrAlY TBC regardless of test temperature (9). Miller has also developed models 
based on thermal cycle and oxidation data (9, 11). His work has been based primarily on air 
plasma-sprayed bond coats, but more recent work has shown that these models are applicable 
to LPPS bond coats (10). One model held that oxidation strains are similar to thermal expan- 
sion mismatch strain (10). Thus, the strains of oxidation and the strains developed by thermal 
expansion mismatch are additive, and failure occurs once a certain total strain level is reached. 

There is evidence that stronger bond coat alloys can extend the thermal cycle life of TBC 
systems (12). TBCs with bond coat compositions of NiCrAlYZrB and NiCrAlYTaC (com- 
positions based on NiCrAlY with additional grain boundary and solid-solution strengthening 
elements) had longer lives in thermal cycle testing than the conventional NiCrAlY bond coat. 
Two additional bond coats with different creep strength were tested, and again, higher ther- 
mal cycle life was observed for the TBC system with the higher bond coat creep strength. 

Bonding between the bond coat and ceramic layer of plasma-sprayed TBCs is largely 
mechanical, and the roughness of the bond coat is critical to keeping the ceramic layer attached 
(7). Therefore, the bond coat powder size and spray parameters must be adjusted to produce 
bond coat surfaces that have significant levels of surface roughness. However, care must be 
taken so that higher levels of porosity do not develop in the bond coat which would reduce its 
oxidation resistance. 

3.1.2 Top Coatings 

State-of-the-art TBC’s generally utilize Zr02 top coatings that have been partially stabi- 
lized with Y2O3 (13, 14). Recent investigations have shown that the optimum content is 
6-8 w/o Y2O3 (15). Long thermal cycle lives have been obtained when these yttria-partially- 
stabilized zirconia TBCs contain a large amount of the tetragonal phase, small but not zero 
(approximately 5%) monoclinic phase, and little or none of the cubic phase (16, 17). Stecura 
also noted that when no monoclinic zirconia phase was present and/or free yttria was present 
in yttria-stabilized zirconia containing 12% Y2O3 or more, the TBC fails rapidly (15). Unfor- 
tunately, little is known on how top coat phase changes actually affect thermal cycle life. 
Although, zirconia can be toughened by phase transformations (18, 19), it is doubtful that plas- 
ma-sprayed zirconia is toughened since it has been shown that grinding of the yttria-partially- 
stabilized zirconia into a powder did not cause a significant amount of metastable tetragonal 
to transform to monoclinic (20). Also, fracture toughness was found to be rather insensitive 
to aging treatments (20). 

The characteristics of the top coat powder can significantly affect thermal cycle life. In 
one study (21), nine different ZrC>2-8%Y203 top coat powders produced by various proces- 
ses (spray-dried, sintered, etc.) were applied to TBC specimens and tested in a thermal cycle 
test under identical conditions. The thermal cycle life for these specimens ranged from 40 to 
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1000 cycles. These results demonstrate the importance of differences resulting from changes 
in top coat powder processing. 

The levels of porosity and microcracking in the top coat can strongly affect thermal cycle 
life (22-24). Studies utilizing acoustic emission techniques have indicated that significant 
levels of microcracking, resulting from thermal expansion mismatch, occur during the first few 
thermal cycles of testing of zirconia TBCs (25). It is believed that a ceramic coating that 
exhibits a high density of microcracking can better accommodate the differences in thermal 
expansion. Thus, the differences in thermal expansion are relieved by either the degree of 
plastic deformation or microcracking (26). Also, by decreasing top coat density, and thus hard- 
ness, the thermal shock resistance is enhanced with a concurrent increase in critical quench 
temperature *(23). In these cases, controlled porosity and microcrack levels increase the 
toughness of the ceramic (24). 

3.1.3 Bond Coat/Top Coat Interface 

Generally, most authors have associated TBC failure with the development of compres- 
sive stresses that occur in the ceramic layer during cooling (5, 27). These stresses can be at- 
tributed to the thermal expansion mismatch between the ceramic top coat and metal bond coat 
(23, 26, 28, 29). However, these stresses may also be developed by plastic anisotropy and ther- 
mal gradients introduced into the ceramic during plasma spraying (21). The importance of 
the stress has been shown by correlating TBC behavior to the substrate temperature during 
application of the top coat. By utilizing lower substrate temperatures, longer thermal cycle 
lives have been achieved (30, 31). 

Most TBC system failures appear to originate with the formation of a crack or cracks within 
the ceramic with failure occurring in the ceramic near the bond coat/top coat interface (17, 
27). Analysis has indicated that, due to the development of temperature gradients in the 
ceramic, a state of biaxial compression and radial tension develops in the ceramic (5). This 
analysis also indicates that cooling stresses are more compressive at the bond coat/top coat in- 
terface and diminish toward the surface. Thus, failure can be attributed to the high stress state 
at this interface. As indicated, this higher stress state at this interface is primarily due to the 
thermal expansion mismatch which is probably affected by bond coat oxidation of the 
roughened bond coat surface. 

3.1.4 Temperature and Thermal Cycle Duration 

Higher temperatures and more rapid thermal cycling result in shorter TBC lives (5, 
27).Stress calculations and experiments have indicated that repeatedly subjecting ceramic 
coatings to high rates of heating and cooling has a more destructive influence on coating life 


*In this study (23), the effect of zirconia coating density on thermal shock resistance was 
evaluated by rapidly quenching the coating into a water bath. The critical quench tempera- 
ture was defined as the temperature required to cause coating failure or a large drop in coat- 
ing hardness when quenched into the water bath. 
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than isothermal exposure at temperature (27). Higher substrate temperatures dramatically 
decrease thermal cycle life. This can be attributed to higher oxidation rates, larger A Ts (the 
differences between maximum and minimum substrate temperature during a thermal cycle 
which create larger stresses due to thermal expansion mismatch), and increased rates of other 
thermomechanical and thermochemical processes (such as interdiffusion, sintering, and cor- 
rosion). 


3.1.5 Other Thermochemical Processes 

Other thermochemical factors which can potentially affect TBC life include sintering of 
the ceramic layer and interdiffusion between the bond coat and substrate. Because the plas- 
ma-sprayed zirconia layer consists of large particles (splats) and relatively large pores, 
shrinkage forces due to sintering are probably small. The more likely effect of sintering on 
TBC behavior is that which results from increased interparticle cohesion which, while increas- 
ing the strength of the ceramic layer (positive factor), may also reduce its strain tolerance 
(negative factor). 

Interdiffusion of bond coat and substrate elements at elevated temperature does occur 
and has been documented (32), but the effect of such interdiffusion on TBC failure is not well 
defined. Clearly, the loss of aluminum from the bond coat by diffusion into the substrate can 
alter the oxidation behavior of the bond coat and in the extreme may lead to the formation of 
less adherent oxide species. Changing the composition of the bond coat layer and outer sur- 
face of the substrate through interdiffusion may also alter their physical and mechanical 
properties, and thus influence TBC behavior. 

Corrosion of the bond coat, another thermochemical effect, can also lead to TBC failure. 
Corrosive attack of TBCs has not generally been a problem in aircraft engines, but can be a 
significant problem in marine and industrial applications. An additional mode of failure in 
corrosive environments is condensation of corrodant species in the pores of the ceramic layer, 
where it can do mechanical damage resulting from thermal expansion mismatch and/or volume 
changes associated with phase changes in the condensate. Corrosive environments contain- 
ing Na and V have also been observed to leach Y from yttria-stabilized zirconia leading to 
failure resulting from destabilization of the zirconia (33, 34). Reducing access of corrodants 
by partially sealing the surface of the zirconia coating by laser glazing has been shown to extend 
the life of TBCs in corrosive test environments (31), and the use of Ce02 stabilized Zr02 has 
reduced destabilization in V containing environments (32). 

3.1.6 Other Failure Modes 

Although spallation of the ceramic layer is the primary mode of TBC failure in current ap- 
plications, erosion and impact damage are also important and potentially life-limiting causes 
for TBC degradation in engine environments. Loss of some of the ceramic layer by erosion 
has been observed in several engine tests of TBCs, particularly on the outer bands of HPT 
nozzles. A plasma-sprayed ceramic layer of ZrC>2-Y203 has relatively low erosion resistance 
due to its unique structure and large amount (10% to 15%) of porosity, the same features that 
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contribute to its ability to withstand thermal strain. It has been demonstrated that fusing the 
top few mils of the surface of the zirconia layer by a laser glazing process can increase the 
erosion resistance by a factor of 8 or more (31). Since only the outer few mils of coating are 
fused, the bulk of the zirconia layer retains the original strain tolerance (Cf. sintering effects 
discussed above). 

3.1.7 Summary 

It is apparent from the above that failure of TBCs can be related to and influenced by a 
large number of factors. It was concluded from this survey that the primary failure mode of 
interest is loss of the ceramic layer by spalling and that many factors contribute to this loss. 
Am ong the more important factors which contribute to stress in the coating layers, and thus 
to coating failure, are the significant differences in the coefficients of thermal expansion of the 
zirconia layer and the underlying bond coat and substrate, and the growth of oxide scale on 
the bond coat at its interface with the zirconia layer. It is commonly believed that the spalling 
occurs during cooling as a result of compressive (buckling) stress in the zirconia layer. Another 
factor thought to have significant effect on coating life is stress relaxation via creep at service 
temperature, which results in higher compressive stress in the zirconia layer during cooling. 
Other factors which may play roles in coating failure include coating microstructure, composi- 
tion, inherent strength, and residual stress. 

3.2 Experimental Procedures 

The baseline system in this effort consisted of a low pressure plasma-sprayed (LPPS) Ni- 
22Cr-10Al-0.3Y (wt. %) bond coat and an air plasma-sprayed (APS) yttria partially stabilized 
zirconia (Zr02-8 wt% Y2O3) top coat on conventionally cast Rene 80 alloy substrate*. Bond 
coat thickness was 0.13 mm (0.005 inch), and zirconia thickness was 0.25 mm (0.010 inch). 

3.2.1 Specimen Preparation 

Two types of specimens were used in the Task I efforts. One was a tube specimen 
(Figure 1) which simulates the curvature of engine components, and the second was a button 
specimen (Figure 2) which has become a standard test specimen at GE for evaluating TBCs. 
The specimens were given the standard Rene 80 solution heat treatment [1204°C (2200°F) for 
2 hours, followed by 1093°C (2000°F) for 4 hours, both in vacuum] and the substrate surface 
was then grit blasted and vapor honed prior to application of the bond coat. The bond coat 
was applied on four tube specimens at a time using a planetary holder, and was applied on 35 
button specimens at a time using a rotating drum. Both types of specimens were coated in an 
automated LPPS system. A bond coat powder size of -230 + 400 mesh (see Appendix A for 
powder characteristics) was used 

to produce surface roughnesses greater than 400 jdn Ra** (necessary to produce good bond 
coat/top coat bonding). Next, the bond-coated specimens were cleaned in acetone. Tube 


* Ni-14Cr - 9.5Co - 5Ti - 4W - 4Mo - 3A1 - 0.17C - 0.03Zr - 0.015B. 

**Ra is the average peak and valley height of the surface. 
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Round Specimen to Better 
Simulate Curvature of 
Engine Components 


Zr0 2 -8%Y2C>3 Layer (0.25 mm) 
Ends Free of Zirconia to 
Eliminate End Effect 
Complications 


1 . 3 cm Dia x 9 . 1 cm Rene 80 
Tube Fully Coated with LPPS 
NiCrAlY Bond Coat (0.13 mm) 


a. Test Specimen Configuration 



b. As-Sprayed Specimen 


Figure 1. Thermal Barrier Coated Tubular Specimen. 
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a. Test Specimen Configuration 



b. As-Sprayed Specimen 


Figure 2. Thermal Barrier Coated Button Specimen. 


specimens were also shadow masked prior to the top coat application to produce a tapered 
edge (Figure 3) on the zirconia coating layer. The top coat was applied to each tube specimen 
individually using a robot and a Metco Computerized Plasma Process Controller Spray Sys- 
tem. The robot controlled the plasma torch manipulations, while the Metco system control- 
led the spray parameters. The top coat was deposited on up to 100 button specimens 
simultaneously using a semiautomated Metco APS System. The spray parameters used for 
both the bond coat and top coat are listed in Table I. The microstructure of the resultant TBC 
System is shown in Figure 4. 


Table I. Plasma Spray Parameters 



APS 

LPPS 

Plasma Gun 

Metco 7MB 

Metco 7MB 

Primary/Secondary Gas 

N 2 /H 2 

At/H 2 

Gun Power 

36 kw 

50 kw 

Powder Feed Rate 

6 lb/hr 

5 Ib/hr 

Preheat 

— 

1800°F 

Spray Distance 

5 in. 

12 in. 

Other 

90° air impingement, 
and center of tube 
cooling. 

AI 2 O 3 grit blast 

and vapor hone cleaning 


3.2.2 Thermal Cycle Testing 

Two types of thermal cycle tests were utilized in the Task I effort. The majority of the test- 
ing to identify failure mechanisms was a furnace cycle test. Another type of test that was used 
to a lesser degree for the same purpose was the JETS test. 

Furnace Cycle Test 

Furnace cycle testing was accomplished in a programmable, microprocessor-controlled, 
rapid-heating furnace with MoSh heating elements (Figure 5a). Up to 36 tubular specimens 
or up to 60 button specimens were cycled simultaneously in the furnace. The thermal cycle, 
shown in Figure 5b, was approximately 70 minutes long; it consisted of approximately 10 
minutes heat up, 45 minutes at a test temperature of 1093°C (2000°F), and 15 minutes forced- 
air cooling. Tube specimens were removed from the test after every fifth cycle and visually 
examined for evidence of cracking and loss of the zirconia layer. Button specimens were 
examined after every 20 cycles. Each specimen was removed from test when 10% (surface 
area) of the zirconia layer had spalled. Selected specimens were evaluated metallographically. 
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Figure 3. Tapered Top Coat Edge Produced by Shadow Masking. 
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a. As-Sprayed Microstructure 



b. Bond Coat/Top Coat Interface 


Figure 4. As-Sprayed Microstructure of Baseline TBC (Rene 80, NiCrAlY, Zr 02 -Y 203 ). 
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a* Thermal Cycle Test Furnace 



Figure 5. Thermal Cycle Test Furnace and Schematic of Thermal Cycle. 
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JETS Test 


The Jet Engine Thermal Shock (JETS) test rig was designed and built specifically for cyclic 
testing of thermal barrier coated specimens. Large thermal gradients through the coating are 
generated while cycling the temperature between preset values. The rig, shown in Figure 6, 
consists of a heating/cooling assembly, a test specimen support on a vertical carrousel, an 
electronic indexing system, and temperature measuring and recording equipment. Oxygen- 
propane torches provide rapid heating of the TBC face of button specimens while the back, 
uncoated side of the specimen is air cooled. The specimens are then cooled by a compressed 
air blast at the next station. In the testing conducted in Task I, face temperatures ranged from 
1375° to 1520°C (2510° to 2765°F) and back side temperature ranged from 890° to 1015°C 
(1630° to 1860°F). 

3.3 Bond Coat Oxidation 

One of the potential failure mechanisms investigated in Task I was bond coat oxidation. 
As discussed above, many studies indicate that oxidation of the bond coat may be a major con- 
tributor to coating failure. To gain additional insight on this, experiments were conducted with 
the goal of comparing the magnitude of the effect of bond coat oxidation on coating life to the 
magnitude of the aggregate effect of the other phenomena that can occur in the coating at use 
temperature. 

In the first of these experiments, thermal cycle tests were performed in air on specimens 
that had received isothermal pre-exposures in either oxidizing (static air) or inert (static argon) 
atmospheres at 1093°C (2000°F) for times of 10, 50, 100, and 500 hours. It was assumed that 
all pre-exposed specimens, whether pre-exposed in an oxidizing or an inert environment, con- 
tained “predamage” resulting from the thermally activated processes other than oxidation, 
whereas only specimens pre-exposed in air contained, in addition, the predamage due to oxida- 
tion (oxide scale growth on the bond coat). Thus, the difference in thermal cycle test lives of 
the two groups should reflect the effect of bond coat oxidation and allow evaluation of the 
magnitude of the other thermally-activated phenomena (sintering of the bond coat and zir- 
conia layer, bond coat and ceramic coat creep, and bond coat/substrate interdiffusion). Tube 
specimens were utilized in this experiment. 

The results from this experiment were not as expected in that the specimens which had 
been pre-exposed in argon failed (failure was defined as spallation of 10% of the ceramic top 
coat) with thermal cycle lives less than those of specimens pre-exposed in air (Figure 7). 
Failures in all cases occurred in the ceramic top coat approximately 0.025-0.050 mm (0.001- 
0.002 inch) from the bond coat/top coat interface (this is the normal TBC failure location in 
plasma-sprayed coatings). Continuous oxide scales of approximately 4 jun were observed at 
the bond coat/top coat interface for the as-sprayed and air pre-exposed specimens at failure 
after thermal cycle testing (excluding the 472 hour pre-exposure specimens - Figure 8). This 
is contrasted with the specimens pre-exposed in argon where oxide scales generally less than 
1 jun developed and appeared noncontinuous as determined by optical microscopy (the 
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Figure 6. Jet Engine Thermal Shock (JETS) Test Rig. 
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Experiment). (Numbers Above Bars are Averages.) 



Average Oxide 
Scale Thickness at 
Failure (Microns) 


Thickness at Failure 


i 




Pre-Exposure Thickness 


J L 

50 100 



500 


Pre-Exposure Time (Hours) ► 


Figure 8. Oxide Scale Thickness at the Bond Coat/Top Coat Interlace After Thermal Cycle Testing at 1093°C 
(First Experiment). 
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microstructures of pre-exposed specimens are shown in Figures 9 and 10). The observation 
that, at failure, the bond coat oxide scale thicknesses were essentially identical for the 
specimens that were not pre-exposed or were pre-exposured in air is consistent with the work 
of Miller (35), who noted similar weight gains (oxidation) at failure of specimens with a 
CaSiCWMCrALY TBC regardless of test temperature. 

A second experiment was similar to the first except that some of the specimens were ther- 
mal cycle tested in argon, and the effect of different pre-exposure temperatures was evaluated. 
Thermal cycling in argon was achieved by sealing specimens in argon-filled Inconel 718 
canisters (Figure 11) and testing them in the thermal cycle furnace. Argon pressure in the 
canisters was adjusted to be approximately 1 atmosphere at test temperature 1093°C (2000°F). 
Some specimens received no pre-exposure (as-sprayed), and others received 100-hour isother- 
mal pre-exposures at 1093°C (2000°F) in either static air or static argon (Table II). Baseline 
specimens with similar histories were thermal cycle tested in unsealed canisters so that they 
would experience heating and cooling rates similar to the specimens sealed in argon-filled 
canisters. The unsealed canisters also contained specimens that had been pre-exposed at 
982°C (1800°F) for 250 hours in either static air or static argon to assess the effect of different 
pre-exposure temperatures. By thermal cycling in argon, minimum scale growth occurred 
during cycling. Button specimens were utilized in this experiment. To compensate for the 
slower cooling rate of the specimens enclosed in canisters, the cooling period was increased 
from 15 minutes to 30 minutes. 

The test results again indicate that exposing TBCs in argon can substantially decrease ther- 
mal cycle life, and the decrease in life is probably associated with an effect on bond coat oxida- 
tion. In this test, the longest thermal cycle lives were associated with specimens that received 
a pre-exposure in air prior to thermal cycling in argon (Figure 12, left side). Their lives were 
longer than those of the specimens that received no pre-exposure and specimens that had been 
pre-exposed in argon. The longer life of specimens pre-exposed in air may be associated with 
the development of a more continuous adherent AI 2 O 3 scale prior to thermal cycling in argon. 

Microstructural examination indicated that thermal cycling in argon was highly effective 
in minimizing bond coat oxidation. For the specimens that received no pre-exposure (Figure 
13a) or received pre-exposures in argon, essentially no oxide scale was present at the bond 
coat/top coat interface (less than 1 p.m of noncontinuous oxide scale), while no measurable in- 
crease in oxide scale thickness during thermal cycling was noted for the specimens that had 
been pre-exposed in air (Table II and Figure 13b). 

The results for the specimens thermal cycled in the unsealed canister indicate that pre- 
exposures in argon were detrimental for this TBC system regardless of pre-exposure tempera- 
ture. For both the 982°C (1800°F) and the 1093°C (2000°F) pre-exposures, the specimens 
pre-exposed in argon failed before the specimens pre-exposed in air. 

Another interesting result was the extremely short lives exhibited by the specimens that 
received no pre-exposure or pre-exposures in air that were thermal cycled in the unsealed (air) 
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Figure 9. Microstructures of Specimens Pre-Exposed in Air at 1093°C (2000°F). 
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Figure 10. Microstructures of Specimens Pre-Exposed in Argon at 1093°C (2000°F). 
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Figure 11. Inconel 718 Canister Utilized for 
Thermal Cycle Testing in Argon. 
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TABLE II. Pre-Exposure and Test Conditions of Specimens^ in Second Thermal Cycle Test 
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Figure 12. Furnace Cycle Test Lives in Air and Argon at 1093°C of Specimens with Various Pre-Exposures in Air 
or Argon (Second Experiment). Ren£ 80 Button Specimen Coated on One Face with LPPS NiCrAlY 
and APS ZK> 2 - 8 % Y 2 O 3 (Numbers above Bars are Averages.) 
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Bond Coat 


a. No Prior Pre-Exposure 


Oxide scale 
— Bond Coat 


b. 100 Hour Air Pre-Exposure at 1093°C 


Figure 13. Microstructure of Specimens (Rene 80/NiCrAlY/ZrO2-Y2C>3) After Thermal 
Cycle Testing in a Sealed Canister Containing Argon in the 1093°C Test. 


canister. Typically, button specimens of this type with no prior pre-exposure will have ther- 
mal cycle lives of approximately 400 cycles when cycled outside the canister. However, in this 
test, specimens with no pre-exposure failed in less than 100 cycles when cycled in this unsealed 
canister (Figure 12, right side). Microstructural examination of these specimens indicated that 
significant frontal oxidation of the bond coat had occurred. Electron microprobe mapping of 
these oxide scales revealed that they contained high levels of Cr and Ni. This indicates that 
less protective oxide scales with higher growth kinetics had formed on the bond coats of these 
specimens cycled in the unsealed canister. The cause of the formation of Cr and Ni oxides is 
not understood, but may be related to the presence on the surface of the TBC of oxide scale 
which spalled from the inside of the open Inconel canister during the thermal cycle test. Dis- 
coloration of the surface of the TBC due to this material was observed during the course of 
the testing. Baseline specimens (Hasteloy-X/NiCrAlY/Zr02-8Y203), which are included in 
all furnace cycle tests, also failed early in this test. These baseline specimens, which normal- 
ly last 400-450 cycles, failed in only 60 cycles when tested in the canister. Significant frontal 
oxidation of the bond coat also occurred in these specimens. These results clearly demonstrate 
the importance of bond coat oxidation. In this case, thick Cr and Ni scales formed which 
resulted in significantly shorter thermal cycle life. 

In the third experiment, a slightly different approach was used to evaluate bond coat oxida- 
tion and determine if the detrimental effect of argon could be more definitely traced to bond 
coat or top coat changes. In this experiment, combinations of pre-exposures in air and/or argon 
were performed before and after the top coat application (Table III). This experiment was 
run concurrently with the second experiment in the same test furnace but without using the 
canister (the same, 30 minute cool down period was used). In this test, the specimens with no 
prior exposure had the expected thermal cycle life of approximately 400 cycles. 

Two sets of specimens were given 100-hour pre-exposures in both air and argon after the 
top coat was applied. One set received the air pre-exposure first and then the argon pre- 
exposure, while the other set of specimens received the argon pre-exposure first. The 
hypothesis was that if the detrimental effect of argon pre-exposure is due to argon effects in 
the top coat Zr 02 -Y 203 (stoichiometry), any reduction of the oxide state of the zirconia by 
the argon pre-exposure should be eliminated by the subsequent air pre-exposure, hence the 
subsequent thermal cycle life of specimens pre-exposed in argon first should be longer than 
those of specimens pre-exposed in air first. On the other hand, pre-exposing in air first should 
form the more protective AI 2 O 3 scale prior to the argon pre-exposure and provide a chemical 
bond similar to that normally observed. If the greater effect of argon pre-exposures is related 
to whether or not adherent AI 2 O 3 scales are formed, then specimens pre-exposed in air first 
should have longer thermal cycle lives than those pre-exposed first in argon. The specimens 
pre-exposed in argon first had very short lives (14 cycles), while the specimens pre-exposed in 
air first had substantially longer lives (237 cycles), (Figure 14) indicating that the most sig- 
nificant effect of argon pre-exposure is its influence on oxide scale species. As further 
evidence. X-ray diffraction analysis of the ceramic top coat of specimens that were pre- 
exposed in air for 100 hours or pre-exposed in argon for 100 hours at 1093°C (2000°F) indi- 
cate that no major phase changes had occurred during the argon pre-exposure. Hence, the 
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(Numbers Above Bars are Averages) 




Table III. Pre-exposure Conditions of Specimens 
in Third Thermal Cycle Test. 


(a) 


Bond Coat 
Heat Treatment 
in Argon^ 

Top Coat Pre-Exposure 

None 

100 hr in argon 
plus 100 hr in air 

None 

100 hr in air 
plus 100 hr in argon 

10 hr argon 

190 hr in air 

190 hr argon 

10 hr in air 

200 hr argon 

None 

10 hr argon 

None 

None 

None 

^Rene 80 buttons coated on one face with LPPS 
NiCrAlY and APS Zr0 2 -8% Y 2 O 3 . 

^All specimens received 1 hour vacuum heat 
treatment at 1093°C after bond coat deposition 
and prior to any heat treatment in argon. 


results of this third experiment, combined with the X-ray results and results from the second 
experiment, clearly indicate that the detrimental effect of argon is primarily associated with 
its effect on bond coat oxidation. 

Heating the bond coat of some specimens (groups 2 through 5 in Figure 14) in argon before 
the top coat was applied was also done to test whether the argon pre-exposure was affecting 
the bond coat or the zirconia. The foreshortened test lives of specimens which had been pre- 
exposed for long times (greater than 100 hours) in argon before the top coat was applied again 
indicates that the detrimental effect of argon pre-exposures is related to its effect on the bond 
coat rather than the top coat. 

A GE-funded investigation (36) which was performed to further understand how argon 
may affect the thermal cycle life of TBCs, indicated that the shortened life may be the result 
of diffusion of Cr, Ta, W, and other substrate elements to the bond coat/top coat interface 
during the inert atmosphere pre-exposure prior to significant bond coat oxidation. In most 
cases, carbide precipitates (presumably M 23 C6 carbides) were observed in the bond coat at 
the bond coat/top coat interface (also noted in other locations in the bond coat). This was 
observed to a greater degree in specimens that had been pre-exposed in argon. Thus, the 
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decrease in life of specimens pre-exposed in argon may be associated with the formation of 
Cr, Ta, W, and other less protective oxides which interfere with the formation of stable, 
adherent AI 2 O 3 scales. This lack of formation of an AI 2 O 3 scale may also be affected by the 
low oxygen partial pressure present in the argon atmosphere exposures. A less protective 
oxide could contribute to earlier failure of the TBC if its presence results in faster scale growth 
and/or results in poorer bonding between the zirconia, oxide scale, and bond coat. 

Based on the above results, a fourth experiment was performed where all specimens 
received a 10 hour pre-exposure in air at 1093°C prior to other air or argon pre-exposures, and 
thermal cycle testing. The goal was to develop the same oxide scale on all specimens and there- 
fore more completely evaluate the contribution of bond coat oxidation to coating failure. The 
results (Figure 15) indicate air pre-exposures are more detrimental than argon pre-exposures 
when each is preceded by an air pre-exposure. The larger decrease in thermal cycle life for 
the air pre-exposures is attributed to the growth of oxide scale during that pre-exposure. These 
results conclusively demonstrate the importance of bond coat oxidation. 

3.4 Bond Coat Creep 

Another phenomenon that is a potential contributor to TBC failure is that of creep of the 
bond coat. It is believed that creep of the bond coat at elevated temperatures leads to an 
upward shift of the stress-free temperature and hence to larger compressive stresses in the zir- 
conia layer on return to room temperature, thus causing a greater propensity for spalling. 

An experiment was conducted to evaluate the effect of bond coat creep strength on ther- 
mal cycle life. It included TBCs with four different bond coat alloys (Table IV) that have dif- 
ferent creep strengths. The modified NiCoCrAlY bond coats include various additions of Mo, 
Ta, W, Re, Hf, C, B, Si, Zr, and Ti. The bond coat layers on these specimens also received an 
aluminide (Codep) coating (Figure 16) before the ceramic layer was deposited in order to 
reduce the effect of any differences in oxidation resistance on thermal cycle life. All specimens 
were coated with the same Zr02-8%Y2C>3 ceramic layer. Six specimens of each TBC system 
were thermal cycle tested. Two specimens were exposed in argon for 100 hours at 1093°C 
(2000°F), two were exposed in air for the same time and temperature, and two specimens 
received no pre-exposure. The difference in thermal cycle lives should be a function of bond 
coat creep strength and pretest conditions. The intent of this experiment was to evaluate the 
effect of bond coat creep strength on TBC failure and to obtain a measure of its effect rela- 
tive to that of oxidation. Tube specimens were utilized in this test. 

3.4.1 Coating Microstructures 

The as-sprayed microstructures (Figure 17) contain small differences in structure 
associated with the changes in composition. In all of the systems, an aluminide overcoat is 
present and is clearly evident in the photomicrographs. Bond coat No. 1, which is the baseline 
system, plus an aluminide overcoat, has a microstructure consisting of y + p + 7. The 
aluminide coating produces a NiAl(p) coating at the surface of the bond coat. The other three 
bond coats, which contain numerous alloy strengthening additions, have a bond coat consisting 
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Figure 15. Furnace Cycle Test (1093°C) Lives of Specimens Pre-Exposed in Air or Argon After Initial 10-hour 
Exposure in Air at 1093°C (fourth Experiment). (Numbers Above the Bars are Averages.) 
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a. As-Sprayed Microstructure 


Bond Coat 


b. Bond Coat/To Coat Interface 



Figure 16 . Microstructure of As-Sprayed TBC with Aluminide-Coated Bond Coat 
(Rene 80 /NiCrAlY/Aluminide/ZrO 2 -Y 2 O 3 ). 
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Figure 17. Microstructure of Four As-Srayed TBC Systems Tested in Bond Coat Creep Effect Experiment (Rene 
80/Bond Coat/Alum in ide/Zr() 2 -Y 2 () 3 ). 


Table IV. TBC Systems Used to Evaluate Bond Coat Creep Effect on Coating Life. 


Systems 

Substrate 

Bond Coating 

Over Coating 

Top Coating 

Bond Coat Creep 
(Laron/Miller 
Parameter @ 3 
ksi - rupture) 

■n 

Rend 80 

Bond Coating l a 

Aluminide 

Z 1 - 02 -Y 203 

39.0 


Rend 80 

Bond Coating 2 b 

Aluminide 

Zr02-Y203 

45.7 

^9 

Rend 80 

Bond Coating 3 b 

Aluminide 

Zr02-Y203 

47.0 


Rend 80 

bond Coating 4 b 

Aluminide 

Zr 0 2 -Y 2 03 

48.4 

a Ni-22Cr-10Al-0.3Y 
^Modified NiCoCrAlY bond coats 


of 7 ' + p + 7 carbides. The aluminide also produces a NiAl( 7 ) coating at the surface of bond 
coats No. 2, 3, and 4. 

In all cases, a continuous AI 2 O 3 scale formed at the bond coat/top coat interface in 
specimens that were pre-exposed in air for 100 hours at 1093°C (2000°F) (Figure 18)*, and the 
oxide scale thickness varied from 3 to 5 for the four different bond coat systems. The 
presence of a continuous carbide layer (presumably M 23 Q [9]) was also noted at the bond 
coat/substrate interface for the NiCrAlY + aluminide system (TBC System No. 1). The 
aluminide in all cases was significantly depleted due to bond coat oxidation and bond coat/sub- 
strate interdiffusion. Bond coat No. 3 also developed blocky carbides during the pre-exposure. 
Unique changes in structure and morphology for each bond coat were expected due to the sig- 
nificant differences in bond coat compositions. 

In assessing the effect of argon pre-exposure on these specimens, canisters were again used 
successfully to retard oxidation at 1093°C (2000°F). In all cases, essentially no AI 2 O 3 scale was 
detected at the bond coat/top coat interface by optical microscopy after pre-exposure (Figure 
19). The aluminide in all systems did not appear depleted since little bond coat oxidation had 
occurred. Interestingly, a continuous carbide layer was not present at the bond coat/substrate 
interface in bond coat No. 1 although the presence of significant quantities of (presumably) 
M 23 C 6 carbides were noted at this interface following air pre-exposure. The presence of 
blocky carbides was again noted in bond coat No. 3 following the argon exposure. 


’Phase identification of bond coat microstructure after pre-exposure and thermal cycle test- 
ing is shown in Appendix B. 
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Figure 18. Microstructure of Four Bond Coat Creep Effect TBC Systems (Rene 80/Bond 
Coil t/Alu m in ide/ZrOi-YiO}) After 100 Hour Pre-Exposure in Air at 1093°C. 
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Figure 19. Microstructure «f Four Bond Coat Creep Effect TBC Systems (Rene 80/Bond 
Coat/Aluniinide/Zr() 2 -V 203 ) Alter 100 Hour Pre-Exposure in Argon at 1093°C. 



3.4.2. Thermal Cycle Testing 

Duplicate specimens with each of the four coating systems, as-deposited and with each of 
the two pre-exposures, were thermal cycle tested at 1093°C (2000°F). The results clearly show 
that the TBC specimens with the NiCrAlY + aluminide bond coat, which has the lowest creep 
strength, resulted in the shortest thermal cycle life for all pre-exposure conditions (Figure 20). 
However, the thermal cycle life differences for the other TBC systems appears to be minimal. 
This may indicate that the bond coat creep strength differences (Table IV) for these materials 
were not large enough to offset the effect of other contributions to coating failure (NiCrAlY 
is significantly lower in strength than the other three). 

Interestingly, the 100 hour air pre-exposure did not significantly affect the thermal cycle 
life of these systems with “high strength” bond coats (2, 3, and 4). This indicates that, as the 
thermal cycle life increases as a result of the increased bond coat creep strength, the relative 
contribution of the pre-exposure to the overall oxidation of the bond coat is reduced. The data 
suggest that bond coat creep can play a significant role in overall TBC life. 

A weakness of this experiment was the potential for different interactions between the 
aluminide overcoat and the various bond coats and the potential for creep of the relatively 
weak aluminide layer to nullify the effect of the strong bond coats. To eliminate this effect, a 
recent study at GE (37) evaluated different bond coat creep strengths produced by applying 
various heat treatments to the same bond coat (Bond Coat No. 4). In this study, bond coat No. 
4 was heated in vacuum at each of four temperatures, 1079°C (1975°F), 1148°C (2100°F), 
1204°C (2200°F), and 1260°C (2300°F). The creep strength of the bond coat heat treated at 
these temperatures varies by approximately 5 Larson-Miller parameter units. The bond coat 
was also given the aluminide overcoat (after vacuum heat treatment) prior to the top coat ap- 
plication. The thermal cycle lives of these specimens and similar specimens not given the bond 
coat heat treatment are shown in Figure 21. The results indicate that TBC thermal cycle test 
life increases with heat treatment temperature (and creep strength), indicating that creep 
strength of the bond coat does indeed influence TBC life. The beneficial effect was not ob- 
served on specimens with bond coats treated at 1260°C (2300°F). This very high temperature 
may have resulted in rapid loss of strengthening elements from the bond coat by diffusion into 
the substrate. 

3.5 Other Efforts 

Another experiment was run using disk (button) specimens, in which coating variations 
included thicker than standard bond coats and top coats, and larger diameter disks. Testing 
variations included furnace cycle testing and burner rig (JETS) testing. The specific variations 
included in the experiment are given in Table V. The goals of these tests were to (1) evaluate 
the effect of bond coat creep through different bond coat thicknesses, and (2) evaluate the ef- 
fect of different strains resulting from different top coat thicknesses and specimen diameters. 

Results from the furnace cycle test are shown in Figures 22 and 23. The thermal cycle life 
of the disk test specimens was evaluated to both 10% and 20% spallation as the failure criteria 
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Figure 20. F urnace Cycle Test (1093°C) Lives of Specimens Coated with Various TBC Systems for Evaluating 
Bond Coat Creep EITects (see Table IV for Description of TBC Systems). (Numbers Above the Bars 
are Averages.) 
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Figure 21. Effect of Heat Treatment of Bond Coat No. 4 on Thermal Cycle Life of TBC (Rene N4/Bond Coat 
No. 4/Aluminide/ZrC>2-Y203). Furnace Cycle Test at 1135°C (2075°F). (Numbers Above the Bars 
are Averages.) 
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(Numbers Above the Bars are Averages.) 



009 



v c CL 

(NOiivnivds %oz) aumivd 01 sbioao q ° 


39 


Figure 23. Furnace Cycle Test (1093°C) Life to 20% Coating Loss for Specimens with Various Coating Layer 
Thicknesses. Button Specimens Coated on One Face with LPFS NiCrAlY and APS Zr02-8%Y203. 
(Numbers Above the Bars are Averages.) 



Table V. Specimen, Coating, and Testing Variations. 


Specimen 

No. 

Bond 

Thickness, 

mm 

Top Coat 
Thickness, 
mm 

Specimen 

Diameter, 

cm 

Substrate 

Material 

Number of Specimens 

JETS 

Test 

Furnace Cycle 
Test 

1 

0.13 

0.25 

2.54 

Ren6 80 


3 

2 

0.25 

0.25 

2.54 

Ren6 80 


3 

3 

0.51 

0.25 

2.54 

Rene 80 


3 

4 

0.13 

0.51 

2.54 

Ren6 80 


3 

5 

0.13 

0.76 

2.54 

Rene 80 


3 

6 

0.13 

0.25 

2.54 

Hastelloy X 


- 

7 

0.13 

0.25 

3.18 

Hastelloy X 


- 

8 

0.13 

0.25 

3.81 

Hastelloy X 


- 


in the furnace cycle test (10 minute heat up, 45 minutes at 1093°C, 10 minute cool). Normal- 
ly, there are only small differences in ranking when the specimens are evaluated at the two 
failure criteria; however, in this experiment, the results from the two different criteria yield 
different conclusions. The 10% spallation failure criterion indicates that thermal cycle life 
decreases with increasing bond coat thickness, while the 20% failure criteria indicates that 
bond coat thickness does not significantly affect thermal cycle life. In general (except in the 
case of the 0.051 mm (0.20 inch) top coat, 10 failure criterion), the results indicate that ther- 
mal cycle life decreases with increasing top coat thickness. However, it was not anticipated 
that this essentially isothermal test would discriminate between ceramic thicknesses to the 
extent that the highly cyclic JETS test would. 

JETS testing (30 second heat up, no hold time, 30 second cool down) through 18,000 cycles 
was performed. In this test, the face of the button specimen is heated by a propane-oxygen 
flame, while an air blast is used on the back of the specimen to develop large gradients across 
the ceramic. Two air blasts, one on each side, are then imposed on the specimens at the cool- 
ing station. The specimen cools down to approximately 250°C. The average peak face and 
back temperatures for each specimen at the heating station are shown in Table VI (note that 
the face temperatures and thermal gradients were changed at 5,000, 16,000, and 20,000 cycles 
to allow completion of the test in a reasonable period of time). The results in Table VII show 
the amount of spallation after each 1,000 cycles. The JETS test clearly demonstrates the strong 
dependence of thermal cycle life on top coat thickness and coating edges. Comparison of TBC 
specimens with 0.25, 0.51, and 0.76 mm thick top coats clearly showed that TBC life decreases 
with increasing ceramic thickness. Comparison of TBC specimens with 2.54, 3.18 and 3.81 cm 
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Table VI. Specimen Temperature During JETS Test 
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Table VII. Coating Loss During JETS Test, Percent Spallation (Surface Area) 






Table VIII. Effect of Specimen Size (Diameter) on Edge Temperature. 


Specimen Diameter 
cm (in) 

Face Temperatures °C (°F) 

Back Temperature °C (°F) 
Center 

Center 

Edge 

2.54 (1.00) 

1488 (2710) 

1441 (2625) 

921 (1690) 

3.18 (1.25) 

1510 (2750) 

1399 (2550) 

918 (1685) 

3.81 (1.50) 

1499 (2730) 

1224 (2235) 

913 (1675) 


diameters clearly showed that life was extended as the edge of the specimen moved away from 
the hot spot resulting in lower edge temperatures. The temperature of the edges and center 
at one JETS setting are given in Table VIII. Lower temperatures at the high stress location 
(edges) thus results in lower stresses and longer life. The results also indicate that bond coat 
thickness is not significant in this test, which would be expected since elevated temperature 
duration for the substrate is minimal and therefore oxidation is also minimal. 

3.6 Key Property Determinations 

To provide data useful to the modeling to be performed later in this study, several physi- 
cal and mechanical properties of the bond coat and top coat layers were measured. 

3.6.1 Bond Coat Properties 

Tensile strength, Poisson’s ratio, dynamic elastic modulus, and coefficient of thermal 
expansion were determined from room temperature to approximately 1093°C (2000°F). Stan- 
dard testing procedures and test specimens (Figure 24) were utilized for the NiCrAlY bond 
coat specimens. These specimens were machined from 5.1 cm (2 inch) by 15.2 cm (6 inch) 
heat treated LPPS NiCrAlY billets of various heights. The as-sprayed billets received a 4 hour 
vacuum heat treatment at 1093°C (2000°F) to increase the machinability of the billets. The 
1093°C heat treatment was chosen since this is the soak temperature utilized in thermal cycle 
testing. 

Tensile Strength - Tensile strength was determined at room temperature, 538°C ( 1000°F), 
760°C (MOOT), 982°C (1800°F), and 1093°C (2000°F). Strain rate was 0.0005 in./in./min. 
through 0.2% yield, then a cross head speed of 0.03 in./min. (0.013 mm/sec.) to failure. Some 
difficulties were encountered when testing at room temperature where NiCrAlY is extremely 
brittle; two of the three test specimens failed in the grips. A summary of the test results is 
listed in Table IX. 
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Table IX. LPPS Ni-22Cr-10AJ-03Y Bond Coat. 


Test Temperature 

Ultimate Strength MPa 

0.2% Yield MPa 

% Elongation 

% Reduction 
in Area 

Ambient 25° (77°F) (a) 

1320 (191 ksi) 

— 

... 

— 

538°C (1000°F) (b) 

1240 (179 ksi) 

1120 (162 ksi) 

5.2 

6.2 

760°C (1400°F) (b) 

450 (65 ksi) 

160 (23 ksi) 

18.3 

19.6 

982°C (1800°F) (c) 

16 (2.3 ksi) 

13 (1.9 ksi) 

149.3 

95.6 

1093°C (2000°F) (c) 

4 (0.6 ksi) 

3 (0.4 ksi) 

248.3 

92.4 

^No measurable plastic deformation (1 specimen), 
^ Average of three test specimens. 

^ Average of two test specimens. 


Poisson’s Ratio - Poisson’s ratio was determined at room temperature, 538°C (1000°F), 
and 760°C (1400°F) (Table X). Attempts were also made to obtain values at 982°C (1800°F), 
and at 1093°C (2000°F). However, due to the extremely ductile nature of the NiCrAlY 
material, the elastic region was not measurable at the elevated temperatures. A Poisson’s ratio 
of 0.5 will be assumed for these temperatures, based on the laws of plasticity. 

Dynamic Elastic Modulus - The dynamic elastic modulus was determined from room 
temperature to approximately 1075°C for two different specimens. A plot of the results for 
both specimens is shown in Figure 25. The dynamic elastic modulus varies from 200 GN/m 2 
at room temperature to 20 GN/m 2 at 1075°C. 

Coefficient of Thermal Expansion - Coefficient of thermal expansion was determined 
using the Chevenard dilatometer. The coefficient varies from approximately 11 x 10" 6 /°C'at 
room temperature to about 18 x 10’ 6 /°C at 1000°C (Figure 26). The same values were obtained 
when heating and cooling the specimens. 

3.6.2 Top Coat Properties 

Elastic modulus, shear modulus, Poisson’s ratio, flexural (bend) strength, and coefficient 
of thermal expansion were determined for the top coat. These properties were determined 
from room temperature to approximately 1093°C (2000°F). In all tests, free-standing air plas- 
ma-sprayed (APS) specimens were utilized. Free-standing specimens were produced by 
depositing the ceramic material on stainless steel substrates and inducing a thermal shock to 
cause spallation of the intact ceramic sheet. Some final machining was required to achieve the 
desired specimen configurations (Figure 27). These specimens received a 4-hour heat treat- 
ment in air at 1093°C (2000°F) prior to testing. 
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Figure 25, Dynamic Elastic Modulus of LPPS Ni-22Cr-10Al-03Y Bond Coat). 
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Figure 26. Thermal Expansion Results for LPPS Ni-22Cr-10AI-0JY Bond Coat. 




(c) BEND STRENGTH SPECIMEN 


Figure 27. Specimen Configurations for Determining Properties of Top Coat (All Dimensions 
in Centimeters). 
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Table X. Elastic Moduli and Poisson’s Ratio of LPPS Ni-22Cr-10Al-03Y. 


Temperature°C 

E (Axial) GPa 

E (Diametral) GPa 

Poisson’s 

Ratio 

20 (R.T.) 

206 (29.9 MSI) 

696 (100.8 MSI) 

0.30 

538 (1000°F) 

180 (26.1 MSI) 

602 (873 MSI) 

0.30 

760 (1400°F) 

101 (14.7 MSI) 

273 (39.6 MSI) 

0.37 

982 (1800°F) 


— 


1093 (2000°F) 


— 

_„(a) 

^No linear portion to stress/strain curves. 


Elastic Modulus, Shear Modulus, and Poisson’s Ratio - The apparatus and methodology 
used for measurement of elastic modulus, shear modulus, and Poisson’s ratio of the ceramic 
specimen conform to that of Spinner and Tefft (38). 

The dynamic elastic and dynamic shear moduli were measured continuously from room 
temperature to 1093°C (2000°F) by a resonant frequency method*. Poisson’s ratio (v) was then 
calculated from the elastic and shear moduli.The values measured for elastic modulus and 
shear modulus, and calculated for Poisson’s ratio are shown in Table XI. 

A four-point (quarter flex) bend test was performed on specimen No. 1 to allow com- 
parison of elastic modulus values measured from this test to the values measured from the 
resonant frequency test. Specimen No. 1 was sectioned into three flex specimens (nominally 
0.635 cm x 0.229 cm x 6.35 cm) and strain gages attached. The average elastic modulus deter- 
mined at room temperature was 20.6 GPa (2.99 x 10 6 psi), (Table XII). This average value is 
a factor of 10 less than the values measured by the resonant frequency method. The difference 
is possibly associated with the presence of cracks, porosity, and splats decreasing the apparent 
modulus in the bend test. These factors should play a smaller role in the resonant frequency 
method. 

Flexural (Bend) Strength - Elevated flexural (four-point) bend tests were performed 
at Southern Research Institute on plasma-sprayed Zr02-8Y2C>3. The results indicate 
(Table XIII) that flexural strength decreases from 44.2 MPa (6 ksi) at 20°C (70°F) to 27.7 MPa 
at 538°C (1000°F) and remains relatively constant at about 27.7 MPa from 538°C to 1093°C 


’Testing performed at IIT Research Institute, Chicago, Illinois. 






Table XI. Elevated Temperature Determination of Elastic Modulus, Shear Modulus, 
and Poisson’s Ratio of APS ZK> 2 - 8 %Y 203 - 


Temp., 

°C 

Resonant Frequency 

E 

Elastic 
Modulus 
GPa (Msi) 

G 

Shear 
Modulus 
GPa (Msi) 

Poisson’s 

Ratios 



25 (a) 

1472 

'3697 

210 (30.5) 

91 (13.2) 

0.15 

25 

1466 

3672 

208 (30.2) 

90 (13.1) 

0.16 

100 

1453 

3630 

205 (29.7) 

88 (12.8) 

0.16 

150 

1444 

3610 

202 (29.3) 

87 (12.6) 

0.16 

200 

1436 

3573 

200 (29.0) 

86 (12.4) 

0.17 

300 

1425 

3443 

197 (28.6) 

79 (11.5) 

0.24 

400 

1412 

3343 

193 (28.0) 

75 (10.8) 

0.29 

450 

1411 

3325 

193 (28.0) 

74 (10.7) 

0.31 

500 

1401 

3299 

190 (27.6) 

72 (10.5) 

0.31 

538 

1395 

3281 

189 (27.4) 

72 (10.4) 

0.31 

600 

1387 

3265 

i 

187 (27.1) 

71 (10.3) 

0.31 

700 

1375 

3209 

184 (26.6) 

69 (10.0) 

0.33 

800 

1360 

3160 

179 (26.0) 

67 ( 9.7) 

0.34 

900 

1342 

3135 

175 (25.3) 

66 ( 9.5) 

0.33 

982 

1340 

3122 

175 (25.3) 

65 ( 9.4) 

0.34 

1000 

1362 

3147 

179 (26.1) 

66 ( 9.6) 

0.36 

1038 

1374 

3163 

183 (26.5) 

67 ( 9.7) 

0.37 

1093 

1342 

3185 

175 (25.3) 

68 ( 9.8) 

0.29 


^Specimen suspended on cotton thread, all others suspended on Pt wire. 
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Table XII. Mechanical Properties of APS Zr02-8% Y2O3 


Sample 

I.D. 

Width, 

cm 

Thickness, 

cm 

Length, 

cm 

Ultimate 
Load, 
Kg (lb) 

Ultimate 
Stress 
MPa (ksi) 

Strain to 
Failure 
in/in x 10* 3 

Elastic 
Modulus 
GPa (MSI) 

1-1 

0.648 

0.238 

5.746 

7.03 (15.5) 

53.3 (7.73) 

2.89 

19.9 (2.88) 

1-2 

0.648 

0.235 

5.747 

6.21 (13.69) 

56.7 (8.23) 

3.07 

20.1 (2.92) 

1-3 

0.648 

0.232 

5.746 I 

- _ i 

5.26 (11.59) 

49.3 (7.15) 

2.59 

21.7 (3.15) 





Average Elastic Modulus 

20.6 ± 1.0 

(2.99 ±0.15) 


Table XIII. Flexural Properties of APS ZrC>2-8% Y2O3. 


Temi 

rcrature 

Flexural 
Max. Load 

Ultimate 

Flexural 

Strength 

Total 

Midpoint 

Modulus 

Deflection 

°c 

<°F) 


db) 

MPa 

(psi) 

GPa 

(Msi) 

mm 

(inches) 


(70) 

11.34 

(25.0) 

44.2 

(6410) 

13.0 

(1.89) 

0.803 

(0.0316) 

538 

(1000) 

7.26 

(16.0) 

27.7 



(1.88) 

0.668 

(0.0263) 

982 


7.71 

(17.0) 

30.0 

(4350) 

14.0 

(2.03) 

0.749 

(0.0295) 



6.80 

(15.0) 

26.5 

(3850) 


(1.54) 

1.019 


1093 


6.21 

(13.7) 

17.1 

, 

(3480) 

10.3 

(1.49) 

1.323 

(0.0521) 
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(1000°F to 2000°F). The flexural modulus, however, remains constant at 13.0 GPa (1.9 Msi) 
from 20°C (70°F) to 982°C (1800°F) and then drops to 10.6 GPa (1.5 Msi) at 1038°C (1900°F). 

Coefficient of Thermal Expansion - Coefficient of thermal expansion was determined 
using the Chevenard dilatometer from room temperature to 1073°C. Interestingly, the coef- 
ficient was essentially constant (Figure 28) over this temperature regime with a value of ap- 
proximately 9 x 10" 6 /°C. These results are quite- similar to the results reported of DeMasi and 
Sheffler (39), but significantly different than those reported by Siemers (32). 

3.7 Empirical TBC Life Prediction Model 

An empirical TBC life prediction model was developed based on thermal cycle testing. 
The model (Figure 29), which predicts the life of a specimen in the furnace cycle test, includes 
parameters that take into account test temperature and several factors related to the test 
specimen. Among the specimen factors are (1) a geometry factor for button and cylindrical 
shapes, (2) a factor which compensates for whether the bond coat was deposited by the con- 
ventional (air) plasma spray or low-pressure plasma spray process, (3) a factor which corrects 
for the relative creep strength of the bond coat, and (4) factors which take into account the 
thickness of the oxide scale on the bond coat at the beginning of the test and at specimen 
failure. The factors used in the model are based on test results from this program and from 
internal programs. The geometry factors were based on the test results on tubular and button 
specimens shown in Figures 7, 14, and 20. These factors reflect the shorter coating life on 
tubes associated with their curvature. The bond coat application factor is based on internal 
test data on a TBC system with NiCrAlY bond coat where life was shortened by one half when 
specimens produced by air plasma spray were compared to where the bond coat was deposited 
by low pressure plasma spray. The bond coat creep factor is based on the results shown in 
Figures 7 and 20, and on data from an internal study of TBCs with bond coat No. 4 + Codep, 
NiCrAlY + Codep, and NiCrAlY bond coats tested at three temperatures (1093°, 1135° and 
1177°C). In this model, NiCrAlY is assigned a creep factor of 1, while bond coat No. 4 is 
assigned a creep factor of 4. Bond coats with intermediate creep strengths are scaled between 
these values based on their creep strength. Therefore, based on creep strengths listed in Table 
IV, the bond coat creep factor is 3.1 for bond coat No.2, and 3.6 for bond coat No. 3. The 
decrease in life associated with pre-exposures in air at 1093°C (2000°F) is handled by the com- 
bination of oxide scale thicknesses after preoxidation and at failure. This combination allows 
determination of cycle life for pre-exposed specimens. This preoxidation term is based on 
data shown in Figures 7 and 8. Finally, the temperature factor is based on the same internal 
study used to determine the bond coat creep factor. This factor accounts for degradation in 
cycle life due to increased oxidation rates and other thermally activated phenomena as 
temperature increases. The data used to develop this model are labeled as correlation points 
and plotted against the predicted values in Figure 30. The model is a best fit of these correla- 
tion points. 

Two approaches were planned to test the validity of the model. In one approach, other 
available data including those from other GE programs were evaluated using the model. 
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Figure 28. Thermal Expansion of APS Zr02-Y2()3 Top Coat. 
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Figure 30. Empirical Life Prediction Model for TBCs (Test Vs Model Values). 



These data are labeled as confirmation points in Figure 30 and indicate good agreement 
between predicted and actual values. 

The second approach planned was to use the model to predict the life of a TBC using a 
bond coat that has similar oxidation resistance to NiCrAlY but a slightly higher creep strength. 
Since this bond coat had never been tested before, the goal was to test the model against a new 
TBC. Three attempts were made to apply this special bond coat, but in each case high levels 
of porosity occurred. Thermal cycle testing was performed on specimens from one coating 
run. As expected, the high levels of porosity resulted in shortened thermal cycle life (less than 
100 cycles). The early failure was attributed to significant oxidation of the bond coat, thus a 
reasonable test of the life prediction model was not obtained by this approach. 

The good agreement between predicted and actual values for existing data is promising. 
However, it is also disappointing that the new TBC system could not be utilized to further test 
this model. The advantage of this model is that it is simple to use and may be useful in initial 
predictions, prior to more comprehensive modeling (Task II modeling). 
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4.0 TASK II - MAJOR MODE LIFE PREDICTION MODEL 


The objective of this task was to develop life prediction models for the plasma-sprayed 
TBC system. To accomplish this goal, finite element analyses were performed on the TBCs, 
and experiments were run to evaluate their thermomechanical characteristics. A life predic- 
tion model was developed based on the physical evidence accumulated during testing and the 
results of the finite element analysis. 

4.1 TBC Finite Element Analysis 

The analysis of the TBC specimen geometries was carried out using the finite element 
program CYANIDE (Cyclic Analysis of Inelastic Def ormation). This is a finite element com- 
puter code with cyclic incremental plasticity and creep capability that has been developed at 
GE. The solution method used by CYANIDE is a right hand side method, meaning that the 
plasticity and creep response is included by the application of pseudo forces calculated from 
the plastic and creep strains. As a constitutive model, the plasticity analysis uses the Bessel- 
ing subvolume method; the creep analysis can be performed using time hardening, strain har- 
dening, or life fraction rules with a two-term creep equation modeling primary and secondary 
creep. For this program a strain hardening creep analysis was used, meaning that movement 
between creep curves at various stress levels is based on movement along a constant strain 
line. A more complete description of the code and its features is given in Appendix C. 

The first finite element analysis which was carried out examined the stresses that occur 
during the fabrication cycle. This effort modeled the successive states of the specimens as they 
were coated, and showed that a considerable residual stress state exists in the fabricated 
specimen. Residual stresses exist in coated specimens because of the difference in thermal 
expansivities of the various materials involved. Consider a simple process in which the base 
metal is heated to some temperature (approximately 982°C), molten metallic coating material 
is applied to the base metal, then the coated metal is cooled to room temperature. If it is 
assumed that the part is stress free at the temperature at which the metallic coating material 
is applied, residual stresses will exist at room temperature. Subsequently, the part is heated 
to a different temperature (approximately 200°C), molten ceramic applied, then cooled to 
room temperature. If the ceramic coating is stress free at 200°C, it will be in a stressed state 
at room temperature, and the residual stresses that exist in the base metal and metallic coat- 
ing layer are now different from what they were prior to the addition of the ceramic coating 
layer. The results of the analysis of stresses occuring during the fabrication process are given 
in Appendix D. 

Because the initial state of stress in the TBC specimens is significant, it is important that 
its effect be included in the thermal cycle analysis. This could be done by incorporating an 
initial stress into the model but it is more economical to use the method of stress-free reference 
temperature. The stress-free reference temperature technique accounts for a residual 
stress/strain field due to the application of coatings at different temperatures without explicitly 
modeling the manufacturing process. The stress-free reference temperature technique 
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subtracts from the calculated thermal strain at any given temperature the calculated thermal 
strain at the stress-free temperature. 

The stress-free reference temperature for a two-material system is computed using the 
equation: 

AT nr = T nb - T r = ^^2. (Tsf - T R ). (4-1) 

a NR 

where 

Tnr = Stress-free reference temperature 

Tr = Reference temperature for thermal strain determination 

Tsf = Stress-free temperature 

a c = Thermal expansion coefficient of the coating at Tsf 

as = Thermal expansion coefficient of the substrate at Tsf 

aNR = Thermal expansion coefficient of the coating at Tnr 

Equation (4-1) contains two unknowns, Tnr and aNR, but the thermal expansion as a func- 
tion of temperature is known. For present purposes, aNR and Tnr are assumed to be linear- 
ly related; aNR can then be expressed in terms of Tnr by linear interpolation. Hence, the 
equation becomes a quadratic equation of Tnr and can be solved easily. An example of the 
calculation of the stress-free reference temperature is given in Appendix G. 

The analysis of the TBC coatings in Task II involved two basic configurations: a 1.3 cm OD 
tube and a 2.54 cm diameter button. Each of these geometries was analyzed with various dif- 
ferences in bond coat thickness, top coat thickness, and presence or absence of oxide scale. 
The effect of a chamfered top coat edge compared to a vertical edge was also investigated. 

The cylindrical tube specimen modeled is shown in Figure 1. A typical finite element mesh 
using axisymmetric elements modeling this specimen is shown in Figure 31. The mesh was 
refined in the region of greatest interest (i.e. the top coat/bond coat interface) and was made 
coarse in areas far from this which were not of interest. The left end of the tube model was 
constrained from axial displacement. 

Due to a present limitation in CYANIDE to a maximum of three materials, it was not pos- 
sible to directly model the substrate, bond coat, oxide scale, and top coat, each as separate 
materials. However, it was found in some earlier analyses that accurate calculation of the top 
coat strain field could be obtained when substrate properties were substituted for the bond 
coat. Therefore, this was done in the Task II analyses in order that the effect of oxide scale 
presence could be included directly. 

In those cases where the oxide scale was explicitly used in the analysis, this was 
accomplished by inserting several rows of very narrow elements at the top coat/bond coat 
interface. These elements displaced the top coat outward without introducing any stress that 
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might be expected to occur as a result of oxide scale growth at the interface. In order to model 
the growth of the oxide scale, it would be necessary to introduce some type of constraint into 
the finite element code. Carrying out such an analysis would require modifications beyond 
the scope of this contract. 

The material properties used in the analyses are given in Appendix E. These were 
obtained from the references noted since the property data generated as a part of this program 
was not available when the analyses were started. For consistency, the same values were used 
throughout the analyses. 

No mechanical loads were applied in the model. The loading was thermal only under the 
conditions of the furnace test cycle shown in Figure 32. The Rene 80 substrate and bond coat 
were allowed to undergo plastic deformation as well as creep whereas the top coating was 
assumed to creep only. The creep data of Hebsur and Miner (40) for NiCrAlY and the data 
of Firestone, et al. (41) for plasma-sprayed zirconia was used in these computations. It was 
found, however, that the plastic deformation of the substrate and bond coat was quite small. 

The most severely strained top coat element was located at the top coat edge on the top 
coat/bond coat interface. The stress/strain history of this element was extracted from the finite 
element results and correlation of the stress and strain ranges with the observed failure 
mechanisms and times of the experimental specimens was examined. 

The best correlation between analytical and experimental results was with normal and 
shear total strain ranges in the top coat at the maximum severity location. (Since this is an 
axisymmetric model, the normal strain is perpendicular to the bond while the shear strain com- 
ponent is parallel to it; total is used to connotate the sum of the elastic, plastic, and creep 
strains.) Figures 33 and 34 compare the difference in results obtained for the tube with and 
without a 4 micron oxide scale layer and a 0.25 mm (0.01 inch) top coat thickness, and also for 
a 0.75 mm (0.03 inch) top coat thickness with no scale [Appendix F contains more figures 
showing results for stress and creep strains]. It can be seen that in this case the presence of 
scale reduces the strain range. The reason for this appears to be in the differences in thermal 
expansion coefficients. It can be noted that the bond coat and Rene 80 substrate properties, 
shown in Appendix E, are fairly similar, while the top coat thermal expansion coefficients are 
very different from the bond coat but similar to the oxide scale thermal expansion coefficients. 
Thus, when oxide scale is present, the disparity between the top coat and bond coat expansions 
seems to be partially taken up by the scale, reducing the stress/strain state in the top coat. The 
thermal mismatch strains are the driving force in this specimen so the lower the mismatch, the 
less creep is observed. 

Thus, when oxide scale is present, the severe mismatch in thermal expansion coefficients 
is not directly at the top coat interface, but occurs at the bond coat and oxide scale interface. 
This will begin to alleviate the strain in the top coat due to the attenuation of this mismatch 
through the scale. This effect of the scale was modeled using a separate layer of elements with 
elastic material properties for the scale. 
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Figure 32. Thermal Loading Cycle. 
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Figure 33. Calculated Total Normal Strain 
Coated Tubular Specimen Durin: 
and Top Coat Thickness 0254 m 
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Figure 34. Calculated Total Shear Strain in Top Coat at Top Coat/Bond Coat Interface of Thermal Barrier 
Coated Tubular Specimen During Thermal Cycle Shown in Figure 32. Bond Coat Thickness 0.13 mm 
and Top Coat Thickness 0.254 mm Unless Indicated Otherwise. 
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Figure 35. Effect of Length of Dwell Period at 1093°C During Thermal Cycle on the Total Strain Range in the Top 
Coat at Top Coat/Bond Coat Interface of Thermal Barrier Coated Tubular Specimen. Bond Coat 
Thickness 0.13 mm. 
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Figure 36. Effect of AJ 2 O 3 Scale and Top Coat Thickness on Total Normal Strain Range in the Top Coat at Top 
Coat/Bond Coat Interface Away from the Edge of Thermal Barrier Coated Tubular Specimen. Bond 
Coat Thickness 0.13 mm. 
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Figure 38. Calculated Total Normal Strain in Top Coat at Top Coat/Bond Coat Interface of Thermal Barrier 
Coated Button Specimen During Thermal Cycle Shown in Figure 32. 
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of Thermal Barrier 








Also apparent in Figures 33 and 34 is the increase in strain range caused by a thicker top 
coat. This effect is even more pronounced when there is no chamfer at the top coat edge as 
in the button specimens. This is due to the increased stiffness of the thicker top coat, allow- 
ing it to better resist the outward pressure of the greater expanding bond coat and substrate. 

In order to determine the difference an increase in hold time might make and to assess 
the amount of creep saturation obtained in one cycle, the 0.25 mm (0.01 inch) thick top coat 
models with and without the oxide scale were run with the hold time at 1093°C doubled (i.e., 
1.5 hours instead of 0.75 hour). A comparison of total strain ranges can be seen in Figure 35, 
which shows that most of the creep occurs fairly quickly since there is a relatively small change 
in strain range for a doubling of hold time. 

It is interesting to note that away from the edge, the strain state is less severe, especially 
for shear strain which is almost nonexistent. The presence of scale does not reduce the strains 
as at the edge, but neither does it seem to increase the strain. A comparison of strain ranges 
for an element located on the bond coat/top coat interface away from an edge is shown in 
Figure 36. 

The button geometry was modeled with axisymmetric elements using the mesh shown in 
Figure 37. The mesh was again tailored such that greater sensitivity would be obtained in the 
areas of interest. The analyses were similar to those used for the tubes. Additionally, a change 
in the bond coat thickness was run to see what effect this would have. 

The results are shown in Figures 38 and 39. More figures are shown in Appendix F. It can 
be seen that the scale again has the effect of reducing the stress/strain ranges. The top coat 
thickness effect is much more dramatic in the normal direction due to the fact that the edge 
is not chamfered as in the case of the tube. The thickness has little effect on shear strain, 
however. Changing the bond coat thickness can be seen to have essentially no effect on the 
top coat. 

In summary, the trends obtained through a two-dimensional, axisymmetric finite element 
analysis with cyclic loading and material nonlinearities revealed that creep is the major 
material nonlinearity mechanism acting, rather than plasticity. As the stiffness of the top coat 
increases with thickness, the top coat is more severely loaded. Changing the bond coat 
thickness appears to have little effect on the top coat since the top coat is stress free when 
applied to the bond coat. The presence of a thin oxide scale can be beneficial due to the 
similarity in thermal expansion properties between scale and top coat. Clearly, however, con- 
tinued growth of an oxide scale at the top coat/bond coat interface would ultimately not be 
beneficial and result in failure of the TBC as has been described earlier. 

4.2 Thermomechanical Experiments 

In order to better define the specimen response under the conditions of the furnace cycle 
test, an analogous experiment was conducted in the low cycle fatigue laboratory. The goal of 
these tests was to control and measure the temperature, load, and deformation of the specimen 
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using an electro-hydraulic test machine with induction heating of the specimen. The specimen, 
a standard thermomechanical fatigue (TMF) specimen (Figure 40), is a hollow cylindrical tube 
with threaded ends. Specimens were coated so that the bond and top coats covered the entire 
gage section and extended into the shank area. Displacement of the specimen gage length was 
measured by a conventional high temperature extensometer with its tips placed on the coat- 
ing surface. A high frequency Lepel induction heater was used to heat the specimen. This 
heating technique produces a different through-the-thickness temperature gradient than was 
produced by the furnace, but this discrepancy was unavoidable for this phase of the test 
program. A strap-on thermocouple was used to control the temperature. 



Figure 40. Thermomechanical Fatigue Test Specimen. 


Before running the actual displacement experiments, grooves were machined in one 
specimen to allow placement of five thermocouples beneath the bond and top coats. The ther- 
mocouples and lead wires were placed in these grooves and the coatings applied over them. 
One thermocouple was at the center of the specimen with two more on either side of center 
as sketched in Figure 41; the five thermocouples were spaced 6.4 mm apart. Figure 42 shows 
the temperature profile developed by the center three thermocouples. From this data and 
from the output of the control thermocouple which was strapped to the outer surface of the 
coating, a temperature profile for the outer surface of the ceramic was developed and 
monitored. Note in Figure 42 that the cooling leg is longer than the heating leg; this was neces- 
sitated by the specimen geometry requiring a longer time to maintain a linear cooling rate. 
Note also that the temperature does not reach the lowest temperature achieved in the furnace 
cycle test. A temperature less than 121°C (250°F) would have required the use of cooling air 
through the hollow tube; the radial temperature gradients this would produce were deemed 
undesirable for this particular experiment. 

The intent of the first experiment was to obtain quantitative data on the displacement of 
the specimen as it underwent the hold time cycle imposed in the furnace. For one of the tests, 
a narrow strip of coating was removed to allow measurement of substrate displacement. A 
second extensometer was placed with its tips in this strip. The strip was positioned 
approximately 120° away from the extensometer with its tips on the coating surface. 
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Figure 41. Locations of Embedded Thermocouples 
in Thermomechanical Test Specimens. 
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The test was run while maintaining zero mechanical load, and the deformation sensed by 
the two extensometers was recorded on a strip chart. The chart showed time-dependent defor- 
mation in the substrate but very little happened in the coating, although it appeared that there 
was a very small increase in coating strain. It was hoped that this experiment would show a 
phase relationship between the deformation of the coating and substrate. Unfortunately the 
digital data acquisition did not work properly, forcing reliance on the strip chart. An examina- 
tion of the strip chart indicates that the coating has a shorter ramp than the Rene 80 during 
heat-up, but during cool down the reverse is true. Both observations seem consistent over the 
test, but it seems likely that the shift is caused by a delay in the coating response at the cool- 
to-heat transition. That is, the shift in deformation is due to faster thermal response of the 
Rene 80 rather than a difference in creep response. A more accurate digital data acquisition 
system would be required to confirm this point. The free thermal expansion of the specimen 
gage section was in good agreement with the predicted value obtained from the coefficient of 
thermal expansion and the temperature change. 

With the thermal profile and specimen behavior determined, a coated tube specimen was 
thermally cycled to represent the furnace cycle test cycle. This specimen underwent 249 cycles 
with no sign of distress to the coating. 

Since the pure thermal loading did not produce failure in the time frame in which the 
specimens had failed in the earlier furnace tests, a mechanical strain component was added to 
the thermal strain. It was originally intended to superimpose tensile and compressive loading 
on the coating to determine the effect of stress state on failure of the coating. However, this 
proved difficult because the very large thermal cycle imposed a sizable thermal expansion on 
the specimen. The expansion limited the test conditions achievable in the current program. 
In addition, the lack of data on the TMF testing meant that there were no guidelines for 
establishing appropriate test conditions. 

The first TMF test was started with a mechanical strain range of -0.3 to -0. 1 % run in phase 
with the temperature. The total strain range extended from -0.05 to 1.5%, while the stress was 
almost entirely compressive. There was a small tensile stress at the beginning of the hold in 
the first cycle but it relaxed out of the material. This cycle was run for 205 cycles and then the 
minimum mechanical strain was decreased to -0.4% to increase the load. After 176 addition- 
al cycles, the minimum strain range was again decreased, this time to -0.5%. The total strain 
hysteresis loop for the latter cycle is shown in Figure 43. After an additional 59 cycles the Rene 
80 specimen failed, but no cracking of the ceramic was noted before gross (specimen separa- 
tion) failure. 

The second test was started at the same mechanical strain as the first, but after two cycles 
the range was changed to -0.1 to 0.1%. Following 52 cycles, the range was moved to -0.05 to 
0.15% in an effort to increase the tensile portion of the cycle and run for 371 more cycles. 
While the ceramic showed no visible damage, the large changes in load record indicated that 
the specimen was cracked. The test was halted and the specimen was monotonically pulled 
apart. Figure 44 shows the total strain hysteresis loop for the test. 
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Figure 44. Stress-Strain Cycle During Second TMF Test. 
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The third thermomechanical test was intended to be run with a largely compressive strain 
range. However, the large thermal strain meant that a large compressive load would have to 
be applied or an out-of-phase cycle would be needed. To avoid buckling the specimen or 
introducing a new failure mode, it was decided to repeat the last strain range of the first test. 
With a mechanical strain range of -0.5 to +0.1%, this cycle at least gave a significant portion 
of the cycle in compression. The specimen lasted only 34 cycles before failing. There was no 
visible damage to the TBC before specimen separation occurred. The hysteresis loop in Figure 
45 shows a large amount of inelastic deformation. 

The fracture surfaces of the three TMF specimens were examined to determine the role 
of each of the materials in the failure process. A typical portion of the fracture surface of each 
specimen is shown in Figure 46. Specimens from the first and third tests show that fracture 
surface in the Ren6 80 is dominated by interdendritic features. The fracture surface of the 
specimen from the second test, which failed monotonically, is quite different from the other 
two. The failure surface is more faceted, displaying the features of fast fracture. In none of 
the three specimens was it possible to locate any fatigue markings such as striations. For 
specimens from tests 1 and 3, Figures 46a and 46c, there were several large, relatively flat areas 
which at low magnification are reminiscent of elliptical fatigue cracks. These areas, however, 
when examined at high magnification, showed no striation markings, so it is speculation to 
interpret these planar features as fatigue cracks growing inward from the bond line. There 
was no evidence that the ceramic top coat played any role in the fatigue fracture; there were 
no fatigue markings or signs of an origin in the ceramic. Figure 47 shows a small section of 
the top coat of the specimen from the third TMF test. The fracture surface is very crystal- 
lographic and shows numerous secondary cracks. There are a number of lines on some facets 
but these lines are perpendicular to the direction of crack propagation and are more likely to 
be splat boundaries than fatigue striations. From the different heights of the fracture surface, 
it appears that the failure origin was in the Rene 80 or the bond coat and the ceramic fracture 
was a terminal event. 

In addition to the failure surface, it is interesting to examine Figure 48, which shows a por- 
tion of the cylindrical surface of the same specimen. Clearly the surface is riddled with small 
cracks. There is a high crack density with no particular orientation effect; note that some of 
the cracks possess a significant crack opening. Since the pictures of the failed specimen were 
taken after the final fracture, one cannot say whether the cracks were caused by fatigue, the 
unstable fracture at the end of the test or were present from the manufacturing cycle. This 
point will be addressed later in this section. 

In addition to the TMF tests on the cylindrical specimens, several isothermal bending tests 
were conducted. The objective of these tests was to examine the effect of mechanical strain 
on the life of the ceramic top coat. By removing the thermal strain component and by cycling 
at a fairly high rate, the strain-life relation could be quantified in a well-controlled experiment 
and the results applied to the more complex situation in which the temperature is changing. 
Moreover, it was hoped that the fast cycling frequency would allow the time and cycle depend- 
ent effects to be separated. 
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Figure 45. Stress-Strain Cycle During Third TMF Test. 
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a. Specimen from First TMF Test 



b. Specimen from Second TMF Test c. Specimen from Third TMF Test 


Figure 46. Fracture Surface of Test Specimens from TMF Test. 
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Figure 47 Fracture Surface of Zirconia Layer of TMF Specimen from Third 
TMF Test Showing Lack of Crack Striations. 
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Figure 48 Surface of Zirconia Layer Showing Presence of Many Microcracks 
of Random Orientation. 
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The isothermal tests were conducted at 1093°C in a resistance furnace mounted in an 
electro-hydraulic test frame. The hot zone of this furnace was relatively small, therefore neces- 
sitating the use of a three-point bend specimen. A four-point bend fixture requires much more 
massive loading grips and would be more difficult to fit into the furnace. The larger four-point 
fixture is also potentially more difficult to control, a particularly important point in view of the 
very small loads involved in these tests. It was estimated that a deflection of 25 ^m would be 
large enough to cause failure of the TBC. Accurately maintaining and controlling such small 
deflections was a concern but with some effort, it proved possible to successfully carry out the 
experiments. 

In conformance with the other testing, Ren6 80 was used as a base metal. Small Rene 80 
blanks, 38.1 x 19.1 x 1.3 mm, were sprayed with the bond and top coat on both faces. The TBC 
was removed by grit blasting from a 6 mm-wide strip at each end of one side of the specimen 
and from a 2-mm-wide strip at the center on the opposite side where the loading pins make 
contact with the specimen. 

The specimens were placed in the furnace and brought to 1093°C and allowed to stabilize 
for 1 to 2 hours. Cycling was carried out in deflection control at 1 Hertz; a very small mini- 
mum deflection was used to prevent complete unloading. The test was halted periodically and 
the ceramic examined with a microscope; this procedure was time consuming but avoided an 
elaborate noncontacting approach to crack detection. 

The first two tests were devoted to determining suitable test parameters. For example, 
the first specimen was run for 200 cycles at a maximum deflection of 0.025 mm; the test was 
halted and the specimen inspected. No cracks were noted and both the maximum deflection 
and cycling interval were increased as experience was gained. Eventually a cyclic deflection 
of 0.150 mm was maintained for 15,000 cycles with no cracking visible. The presence of the 
mean deflection caused the thin Ren6 80 substrate to creep; this in turn necessitated an in- 
crease in the mean deflection to prevent complete unloading at minimum deflection. In all 
cases, TBC failure was produced after quite extensive deflection of the specimen. 

In the third test, the specimen was cycled for 30,000 cycles from 0 to 0.1 mm. The range 
was kept constant but the minimum was raised to 0.05 mm for another 15,000 cycles, at which 
time the specimen was still flat. When the minimum was raised to 0.1 mm, the specimen took 
on a permanent set after 15,000 additional cycles. Two more increases in load and another 
30,000 cycles left a deflection of 0.60 mm in the specimen and a crack in the TBC at the cen- 
ter on the convex (tension) side. Figure 49 shows an overall view of the crack while Figure 50 
portrays an enlarged view of an area near the center of the crack. All of the other specimens 
failed at the center and were similar in appearance to this specimen. There were no indica- 
tions of fracture on the compression side of the bend specimen or near the ends of coating- 
bond coat interface. 

In addition to the study of the cracks previously shown, both virgin ceramic surfaces and 
other areas of the bend and tube specimens were examined. The bend specimens were 
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Figure 49. Surface of TBC at Center of Bend Specimen on Convex (Tension) Side Showing Cracks in 
Surface of Zirconia. 


Figure 50. Enlarged Area of Surface of Specimen Shown in Figure 49. 



scanned at locations away from the cracks. These locations were closer to the support pins 
and so were subject to much lower loads than the cracked area of Figure 49. Figures 51 and 
52 show areas about half way between the crack and the support and close to the support, 
respectively. Both photographs show that the ceramic is full of microcracks, as does Figure 53 
which displays the surface of the tube near the end of the gage section. There does not ap- 
pear to be any particular orientation effect associated with the cracking. There does seem to 
be a slightly higher crack density at the higher strain location but given the density of 
microcracking, this is probably not highly significant. 

For comparison purposes, Figure 54 and 55 show the virgin surface of both a tube and a 
bend specimen. In both cases, there is a significant amount of cracking with no particular 
orientation dominance. It appears that the tube may have a larger number of cracks but this 
is probably due to the larger “mud flat” area on the tube making the cracks more visible. Since 
only a very limited area of the specimen was examined, some caution should be exercised as 
to the generality of the observation. 

When Figures 54 and 55 are compared to Figures 48 and 51 through 53, it is clear that the 
tested specimens do contain a greater density of microcracks than the virgin specimens. It is 
also clear, however, that the specimens do contain a significant amount of surface cracking at 
the end of the manufacturing cycle. Without sectioning, it cannot be ascertained as to the 
depth of the cracks and whether or not any subsurface cracks exist. This information needs to 
be supplemented with monitoring of individual cracks and their interaction as they grow. Such 
data will be difficult to acquire but is needed to support a mechanistic picture of the failure 
process. 

The fatigue experiments in this section may be summarized as follows: 

• There is significant microcracking in the TBC at the conclusion of the manufactur- 
ing cycle. The role, if any, of these microcracks in the final failure remains to be 
defined. 

• In neither the tube nor the bend specimen was TBC failure observed without large 
substrate straining. The top coat appears to be stronger and more fatigue resistant 
than previously thought. 

• The TMF specimens, in contrast to the thermal specimens, did not have coating 
edges in the gage section. Calculations show that the most severely strained coat- 
ing elements are located at coating edges. 

• There was no evidence of crack growth in the ceramic when the fracture surfaces 
of the TMF tubes were examined. 
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Figure 51. Enlarged View of Surface of Specimen Shown in Figure 49 
Approximately Midway Between Center and the Support. 


Figure 52. Enlarged View of Surface of Specimen Shown in Figure 49 
Near End of Specimen. 
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Figure 53. Surface of Coating on Tested Tubular TMF Specimen Near End 
of Gage Section, Showing Presence of Cracks. 


Figure 55. Surface of Coating on Untested Bend Specimen Showing 
Presence of Cracks of Random Orientation. 
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4.3 TBC Failure Model 


4.3.1 Development of Life Prediction Model 

The objective of the analytical modeling program was to produce an initial life prediction 
model and to define the direction that future modeling efforts should take. The spallation 
process likely includes several steps: initiation of microcracks, growth and link-up of these 
microcracks, and finally coating loss. Major contributors to the stresses which cause these 
events include thermal expansion mismatch, oxide scale growth on the bond coat, and material 
and structural changes which occur during elevated temperature use. 

However, all of the above noted components of the failure process are subsurface and thus 
not accessible to direct observation. All the quantitative data available is post-failure. This is 
in direct contrast to the failure process of homogeneous materials in which their major failure 
modes consist of observable surface processes. Hence, we do not have the ability, as in 
homogeneous materials, to obtain experimental measurements at the location of failure. This, 
then, required the use of a technique to develop a life prediction model for TBCs different 
from that used for conventional materials. 

The technique used in this study is that of inference. Since the effects that cause failure 
cannot be measured directly, it is necessary to correlate effects that can be measured to those 
at the failure location. To perform this correlation, use was made of nonlinear finite element 
analysis of the test specimens. To build a high degree of confidence into this technique, a range 
of test/geometry conditions was tested and modeled. Confidence in the inference technique 
comes from the ability to correlate TBC failures to the range of mapped conditions. 

In attempting to develop the life models, the task was to understand the stress/strain/dis- 
placement fields developed at the TBC failure location during the thermal fatigue tests. In 
particular the role of the time dependent material properties and the changes they cause in 
the strain field must be understood. Since the state of stress/strain can strongly influence the 
failure mechanism, the degree of multiaxiality at the failure location must be taken into con- 
sideration. 

To counter the above difficulties, there is one major simplifying factor: the failure loca- 
tion. Post failure metallographic analyses of TBCs show that there is a consistent failure loca- 
tion a short distance into the top coat from the top coat/bond coat interface. Therefore, it is 
known which information from the nonlinear finite element analysis must be correlated with 
test data: those predictions which correspond to this location. It is also known from prior test- 
ing that if an edge exists in the test geometry, failure will initiate at the edge, near the top 
coat/bond coat interface. 

This then defines the inference process. Nonlinear finite element models are generated 
for the various test geometries and run through a simulation of the test conditions. By inter- 
rogating the analytical predictions for the failure locations and evaluating them against test 
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results, it was found that a traditional LCF parameter was capable of correlation to the life of 
the TBCs studied. Figure 56 depicts this process and plots the cycles to failure versus 
equivalent dwell periods during pre-exposure and thermal cycling for the specimens tested in 
the furnace cycle tests. (The original data is shown in Figures 7 and 15). The thermal cycles 
involve 45 minute holds at maximum temperature and the time at temperature during the pre- 
exposures were converted to an equivalent number of 45 minute dwells. When these data are 
plotted against cycles to failure, the life separates into three sets. Fitting a power law to these 
data, it is seen that the argon pre-exposure was most damaging, followed by oxygen and the 
combined oxygen-argon. This, as well as data from Figure 14, suggests that time dependent 
deformation rather than oxidation per se is the primary damage mode. Nevertheless, oxida- 
tion clearly plays some part and is included in the general form of the damage model, 

A Nf = fi ( N, Z) + f 2 ( N, He) (4-2) 

where 

N is the number of cycles and describes the cycle dependent damage, 

Z represents the thickness of the oxide layer, 

H e is the time dependent damage expressed through the equivalent hold times. 

The development of the oxide layer is easily described by periodically measuring its thick- 
ness during pre-exposure. The results of these measurements are shown in Figure 8. Since it 
appears that the oxide layer saturates at approximately 4 ^.m, the growth relation was taken in 
the power law form, 

Z = 0.92t 026 (4-3) 

where t is the time in hours, and Z is in microns. 

The oxide layer growth pattern is easily monitored but relating the time and cycle depend- 
ent damage to the cycles to failure is a much more difficult task. The correlation could be 
determined using a laboratory experimental approach but this would require a very sizable 
program to identify and differentiate the parameters. It was decided, therefore, to employ a 
computational approach and use finite element analysis to determine the damage parameters. 

The details of the finite element analysis and parametric results are discussed in Section 
4.1; the application of these results to the failure model will be covered here. There are two 
questions regarding the failure model which need to be answered. First, does the analysis 
predict stress and strain fields which are consistent with the fracture modes and locations 
observed in the experiments? Second, what specific parameter, or parameters, can be used to 
correlate these results? The answer to the first question is affirmative since the analysis 
predicts higher stresses near the edges of the ceramic top coat, the area in which failure is 
usually observed. 
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The determination of a parameter capable of correlating the lives of the thermal barrier 
coated specimens is a difficult task since the failure mechanism is largely undetermined. In 
seeking a parameter, two considerations are that the deformation field is shear, driven by the 
thermal mismatch of the layers and that the field is multiaxial. The multiaxiality makes the 
failure mode geometry dependent and means that generalization of the failure model to 
mechanisms not observed in these experiments may be difficult. 

The fact that there is a large shear gradient across the bond coat-top coat interface means 
that the shear strain will likely play a key role in the cracking process. A hysteretic energy 
based on shear strain was considered, but for the current experiments the high temperature 
hold will allow any stress existing during the hold period to relax. Thus, although energy has 
been used successfully to correlate TMF of Rene 80, it was decided to use the strain com- 
ponents themselves in this instance. Another factor in this decision was the success of the 
strain ranges in correlating life in multiaxial strain fields. Depending on the operative failure 
mechanism, both the normal and shear strain have been found to be important. A number of 
different models were tried with the general form being 


Nf = f (Aerz, Arr) (4-4) 

These models explicitly include the time and cycle dependent behavior through the con- 
stitutive model. One approach to the pre-exposure/oxidation influence would be to treat the 
growth of the oxide layer as the growth of a damage zone; however the evidence indicates that 
such an approach is too simplistic. The pre-exposure/oxidation was modeled as altering the 
state of stress through the presence of the oxide layer and through changes in the time- 
dependent material behavior. 

One of the parameters examined was the maximum shear strain in the cycle. Somewhat 
surprisingly this did not correlate at all. However, when a combination of normal and shear 
strain is employed, the results fall into a consistent pattern. The damage parameter that gave 
the best correlation was 


D = Aerz + 0.4 Aerr, (4-5) 

with the result shown in Figure 57. The results for the pre-exposure in air were obtained 
by determining the scale thickness from Equation 4-3, and then interpolating the finite ele- 
ment results for no scale and the maximum scale thickness of four microns. Similarly for the 
argon pre-exposure, the creep damage was estimated by interpolating and extrapolating the 
hold time finite element results. To do this in the absence of a multiaxial creep damage model, 
it was necessary to make an assumption regarding the relationship of damage and strain. It 
was assumed, based on the observation that specimens which had been pre-exposed in an inert 
environment for 50 hours had about one-half the thermal cycle life of unexposed specimens, 
that a 50-hour pre-exposure would represent 50% damage. 
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These considerations allowed the damage-life plot of Figure 57 to be made. A linear fit 
to these data gave 

D = 0.121 Nf' 0 486 = Aerz + 0.4 Aerr * (4-6) 

This relationship gives an excellent fit to the failure data but it must be remembered that 
these specimens failed in the edge areas. If conditions are such that failures take place away 
from an edge, the coefficients in the model may need to be altered, but it is expected that the 
general form of the relationship would remain the same. This will require additional TMF 
testing with tube specimens to determine the operating environment under which the non- 
edge failures could be observed. It should also be noted the failure model is based on a cer- 
tain level of coating loss as a failure criterion; it is clear that a different failure definition would 
alter the results. Presumably the stress state associated with a fully constrained failure would 
be different but this presumption needs to be confirmed and its impact on the failure model 
ascertained. 

4.3.2 Summary 

The development of the failure model for the thermal barrier coatings is based on the fol- 
lowing: 

1. For the tests conducted, failure is associated with the coating edges. 

2. The failure occurs within the ceramic, approximately 1 mil from the top coat/bond 
coat interface. 

3. The failure is the result of time-dependent processes, both creep and oxidation. 

4. The deformation field is shear driven due to the thermal mismatch of the materials. 
However, the normal strains apparently play a role in propagating the failure. 

5. Extension of this failure model to other geometries and failure locations is probably 
possible but demonstration is beyond the scope of this program. 


*The Ae refers to a range quantity. In this case, it is the difference between the maximum and 
minimum strains in the cycle. In figures such as Figure 33, the strain components themselves 
are plotted; hence, the difference between the strain at time 1 and time 2 would be: 

Aerr = £it(t2) - eit(ti) 
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5.0 TASK III - MODEL VERIFICATION 


The objective of this task was to verify the major mode life-prediction model which was 
developed in Task II. This was attempted by using the model to predict the furnace cycle test 
lives of several coating variations and specimen geometries, then comparing these predicted 
lives to experimentally determined test lives. 

5.1 Life Prediction 

Test lives were predicted for 1 1 combinations of coating and specimen variations. Included 
were three coating systems, three specimen geometries, two top coat thicknesses, and two edge 
conditions. Coating system (bond coat) variations were NiCrAlY, aluminide-coated NiCrAl- 
Y, and aluminide-coated bond coat No. 4 (see Section 3.4). Specimen geometry variations in- 
cluded tubes and rods, and three specimen diameters: 6.3, 14.3, and 15.9 mm. Top coat 
thicknesses were 0.25 mm (10 mils) and 0.76 mm (30 mils). Both tapered and untapered edges 
were included. 

Test lives were predicted for each of the 1 1 selected variations by performing finite ele- 
ment analyses to compute the normal and shear strains in the top coat at the most severe loca- 
tion, (i.e., at the edge of the coating), and using an equation similar to equation 4-6 to predict 
the life of each. 

Before applying equation 4-6 however, it was necessary to modify the intercept of the line 
fitted to the data of Figure 57. This was necessary because a number of changes had been 
made to the model of the TBC coated cylinder over the life of the program to improve the 
accuracy of the model. Since the verification experiments were intended to demonstrate the 
capabilities of the model, it was deemed appropriate to include all improvements made during 
the program. The disadvantage of this was that the model used for the pre-exposure and 
verification analyses were not exactly the same. Specifically, the changes were: 

1. The finite element mesh was altered to improve performance in the region of 
greatest interest, the bond coat-top coat interface. 

2. The inclusion of the oxide scale was accomplished through thermal mismatch 
analysis. This allowed the incorporation of bond coat properties rather than the 
previously used Rene 80 properties. 

3. The most significant change was the use of strain values from the finite element 
anaylsis of the second thermal cycle rather than the first. It had been found that the 
first thermal cycle was not representative of the stable cyclic behavior of the 
specimens, thus a second cycle was included in the finite element analysis. 

Although it would have been desireable to rerun the analyses for the pre-exposure 
specimens with the improved procedure, this was not feasible. Thus, when it was found that 
the strain values calculated for the baseline specimen (no pre-exposure) using the updated 
model were larger than those which had been obtained using the earlier model, it was necessary 
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to revise equation 4-6. It was assumed that the new model and cycle would merely increase 
all the strain ranges by a similar amount, thereby shifting the data in Figure 57 to the right. 
This procedure kept the slope of the curve the same but increased the intercept. The expres- 
sion used to predict the damage in the verification tests was: 


0.135 Nf' 0 ' 486 = Aerz + 0.4 Aerr 


(5-1) 


The accuracy of the assumptions and procedures that went into this model will be explored 
in the next section. 

5.2 Test Results 

Triplicate specimens were prepared of each variation and tested in the furnace cycle test 
at 1093°C. Average test lives are compared to the predicted lives in Table XIV. Test lives are 
shown in Figure 58 for all specimens. Generally, the model correctly predicted the trends 
associated with the coating and specimen variations, such as lives decreasing with increasing 
top coat thickness, longer lives associated with tapered top coats, and decreased lives 
associated with air pre-exposures. However, there were significant differences between the 
predicted and actual test values in many cases, indicating that more testing and data are needed 
to refine the model. A discussion of the results is presented below. 

Clearly, the model correctly predicts that TBC life decreases with increasing top coat thick- 
ness (Groups A and F, and Groups E and G). However, the actual decrease was significantly 
larger than that predicted. The difference may be the result of the development of higher 
levels of residual stress in thicker coatings. The model does include coating application his- 
tory to a degree, but it does not include change in substrate temperature during top coat 
application as the coating builds up and increases in insulating value. Since this effect would 
be expected to be larger for thicker coatings, the larger than expected difference between thin 
and thick coatings may not be associated with inconsistencies in the model, but with the dif- 
ference in conditions during coating application. 

Slightly longer lives were noted for tapered specimens from Groups A and I, while no dif- 
ferences were noted for Groups H and J, and Group G and K. Since the lives were unexpec- 
tedly very short (coating failure was observed at first inspection in all cases except one) in the 
latter groups, it is not surprising that the effect was not clearly differentiated. However, the 
difference in life for Groups A and I, was much smaller than expected. The smaller than 
expected change may be associated with the ability to produce a nontapered edge. The non- 
tapered edge was produced by masking the coating and grit blasting away some of the top coat 
to remove the taper. Hence, it is possible that the idealized square edge used to calculate the 
strains in the model was not realized on the actual specimens. Thus, it is possible that the dif- 
ference between the actual lives of the tapered and nontapered coatings should be smaller 
than predicted. 
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Table XIV. Comparison of Predicted and Actual Test Lives. 


Variation 

Baseline 

Geometry 

Geometry 

Bond Coat 

Bond Coat 

Top Coat 
Thickness 

Top Coat 
Thickness/ 

Bond Coat 

Top Coat Thick- 
ness/Preoxidation 

Nohtapered 

Edge 

Top Coat Thick- 
ness/Nontapered 
Edge/Preoxidation 

Top Coat Thick- 
ness/Bond Coat/ 
Nontapered Edge 

Actual 

Life 

102 

120 

67 

58 

60 

20 

5 

5 

95 

7 

5 

Predicted 

Life 

S88S8S! a 3 5? a s 

*H «-H t-H i— t 

Tapered 

Edge 

Yes 

Yes 

Yes 

Yes 

Yes 

Yes 

Yes 

Yes 

No 

No 

No 

Preoxidized 
100 Hours 
at 1093°C 

No 

No 

No 

No 

No 

No 

No 

Yes 

No 

Yes 

No 

Top Coat 
Thickness, mm 

0.25 

0.25 

0.25 

0.25 

0.25 

0.76 

0.76 

0.76 

0.25 

0.76 

0.76 

Bond Coat 

NiCrAlY 

NiCrAlY 

NiCrAlY 

NiCrAlY + Codep 
Bond Coat No. 4 + Codep 
NiCrAlY 

Bond Coat No. 4 + Codep 

NiCrAlY 

NiCrAlY 

NiCrAlY 

Bond Coat No. 4 + Codep 

Specimen 
Diameter, mm 

14.3 

15.9 

6.3 

14.3 

14.3 

14.3 

14.3 

14.3 

14.3 

14.3 

14.3 

Specimen 

Geometry 

Tube 

Rod 

Rod 

Tube 

Tube 

Tube 

Tube 

Tube 

Tube 

Tube 

Tube 
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case, however, much of the decrease may be associated with this evaluation of thicker coating 
[0.76 mm, 30 mils)] as discussed above. 

The model also predicted that essentially equal lives would occur for the three different 
geometries included in this experiment (Groups A, B, and C). Essentially equal lives were 
noted for Groups A (14.3 mm tube, 102 cycles) and B (15.9 mm rod, 120 cycles). However, 
the lives of the Group C specimens (6.3 mm rod, 67 cycles) were one-half the lives of the two 
larger diameter specimens. Examination of the heating and cooling rates of the specimens 
indicated that the cooling rates were more severe for the 6.3 mm rods (smaller mass) than the 
larger rods and tubes. Hence, it is likely that the shorter life can be attributed to the faster 
cooling and heating rates. The slightly longer lives of the 15.9 mm diameter rod specimens 
(greater mass) relative to the tube specimens may also be attributed to cooling and heating 
rates since the rod specimens heated and cooled slightly slower than the tubes. Cooling and 
heating rates are not currently modeled as part of this program since a “standard” test condi- 
tion only was evaluated. 

The most disappointing results were for the specimens with aluminide (Codep) coated 
bond coats. Test lives of these specimens were much shorter then previous results (Figure 20) 
and much shorter than the predicted lives. In this case, it is clear from post-test analysis that 
the problem is not with the model but with the specimens. One problem that can occur when 
bond coats are aluminide overcoated is that their “effective” surface roughness (surface tex- 
ture) is reduced. The reduction in surface roughness due to the aluminide coating is usually 
not detectable by conventional profilometer measurements. The aluminide coating reduces 
the roughness of minor peaks and valleys on the bond coat surface by filling them in (Figure 
16) but does not significantly reduce the heights of the major peaks and valleys. Therefore, 
measured surface roughness does not decrease, but the "effective" surface roughness of the 
bond coat for bonding is decreased, and thus the coating life may be decreased. This has been 
observed in other GE work where aluminiding has been used. One solution to achieve more 
consistent results is to use a coarser spray powder for the bond coat; this results in a greater 
surface roughness. Whether poor results occur or not probably depends on the actual thick- 
ness of the aluminide coating in a given coating run. Since all of the coatings used to generate 
the model were made with -230 + 400 mesh powder (the model does not address different 
bond coat surface roughnesses), no change was made for the verification experiment. 

Obviously, more data and fine tuning is required together with the addition of fracture 
mechanics, to make the life prediction model developed during the first phase of this program 
an effective tool to predict TBC life. However, the model can be used to predict the effect of 
changes to the TBC system and be used as a framework for future TBC models. 

It is felt that the development work applied to this life prediction model is a positive step 
in the use and advancement of TBC technology. It is anticipated that, with further refinement, 
the model will not only provide a useful tool for predicting coating life, but will also promote 
increased understanding of TBC behavior and the factors which influence it. As a result, a 
more solidly based rationale will emerge for development work aimed at improving TBCs. 
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6.0 CONCLUSIONS 


• A TBC life prediction model was developed for a thermal cycle test based on ther- 
mal cycle test results, finite element models, and thermomechanical experiments. 

• Inelastic time dependent finite element models were developed for TBCs. 

• Experimental results indicate that bond coat oxidation is a significant contributor 
to the TBC failure. The modeling work indicates that the presence of a thin oxide 
scale on the bond coat can be beneficial due to the similarity in thermal expansion 
properties of the scale and top coat. However, it must be remembered that stres- 
ses that may be expected to occur as a result of the volume expansion associated 
with the growth of the oxide scale were beyond the capabilities of the current com- 
puter programs and were therefore not included in the model. 

• Experimental results indicate that specimens with bond coats which have higher 
creep strengths have longer thermal cycle test lives; however, life prediction 
analysis predict the opposite, i.e., shorter thermal cycle test lives for specimens with 
higher bond coat creep strengths. 

• TBC life is foreshortened if its initial exposure at elevated temperature is an 
environment which promotes the development of oxide scales other than AI2O3. 

• TBC life can be extended by locating the edges of the TBC away from the hottest 
areas. 

• TBC life decreases with increasing top coat thickness. 
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7.0 RECOMMENDATIONS 


The following recommendations are offered for further studies. 

1. The failure of plasma-sprayed TBCs is a complex function of the properties of the 
materials in the bond coat and top coat layers, the influences on these properties 
of the defects produced by the plasma spray process, and the response of these to 
thermal cycling. The cracking process should be documented, along with the inter- 
action among the developing defects, by studying the development of flaws during 
the coating application process and during testing. 

2. A larger data base on the physical and mechanical properties of plasma-sprayed 
Zr02 and plasma-sprayed bond coat alloys should be established to provide realis- 
tic property data for use in analytical studies. Basic constitutive properties, creep 
and strength values should be determined. 

3. Given the necessary presence of cracks in the coating, a model should be developed 
which includes the effect of cracks. This model should allow the cracks to open and 
close and carry crack closure loads realistically. 

4. An analytic methodology to gradually grow oxide scale on the bond coat in the finite ' 
element model should be developed. Appropriate properties for the oxide scale as 
a function of thickness and chemistry changes need to be available. 

5. The model should be improved in its capability to separate time dependent 
behavior into material oxidation and constitutive response. 

6. The model and experimental work should be extended to predict the life of the coat- 
ing on specimens in a Mach 0.3 burner rig test, which would be more representative 
of actual operating conditions. 

7. Fracture and continuum mechanics life prediction models should be developed. 

8. The model should be modified to include failure of TBCs produced by the physical 
vapor deposition (PVD) process. 
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APPENDIX A - POWDER CHARACTERISTICS 


Table A-l. Powder Manufacturers. 


Manufacturer 


Powder 


Powder Size, 
Mesh 


Alloy Metals, Inc. 
Union Carbide 
Union Carbide 
Union Carbide 
Metco 


Bond Coat No. 1 (Ni-22Cr-10Al-0.3Y) - 230 + 400 

Bond Coat No. 2 (Special) - 230 + 400 

Bond Coat No. 3 (Special) - 230 + 400 

Bond Coat No. 4 (Special) - 230 + 400 

Top Coat (Zr02-8Y203) - 140 + 10 


Table A-2. Powder True Density*. 

Powders Density (g/cc) 


Bond Coat No. 1 (Ni-22Cr-10Al-0.3Y) 

7.31 

Bond Coat No. 2 

8.35 

Bond Coat No. 3 

7.88 

Bond Coat No. 4 

7.36 

Top Coat (Zr02-Y2C>3) 

5.53 


* 

Density of as-received powder (Null-Pychometer) 
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Table A-3. Powder Sieve Analysis (Weight %). 


Sieve Size 
(mesh) 

No. 1 

Bond Coats 
No. 2 No. 3 

No. 4 

Top Coat 
Z 1 O 2 - 8 Y 2 O 3 

+ 170 

0.0 

0.0 

0.0 

0.0 

10.0 

-170 +200 

0.4 

0.8 

0.0 

0.0 

13.7 

-200 + 250 

14.7 

7.6 

0.8 

0.0 

5.7 

-250 + 270 

34.5 

27.7 

23.5 

14.8 

9.5 

-270 +325 

29.2 

32.4 

34.6 

36.7 

13.7 

-325 +400 

12.2 

25.1 

28.0 

32.6 

9.4 

-400 

9.0 

6.3 

13.0 

15.8 

38.1 


Table A-4. Powder Microtrac Analysis. 


Powders 

10th Percentile 

p.m 

50th Percentile 

(jjn 

90th Percentile 

ixm 

Mean Diameter 

p.m 

Bond Coat No. 1 

34.5 

52.8 

83.2 

54.9 

Bond Coat No. 2 

36.7 

57.1 

90.2 

57.8 

Bond Coat No. 3 

30.6 

51.6 

96.5 

56.3 

Bond Coat No. 4 

37.7 

55.2 

84.4 

56.3 

Top Coat 

27.7 

62.4 

115.9 

65.7 
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APPENDIX B - BOND COAT MICROSTRUCTURE 


Phase identifications of bond coat microstructure after pre-exposure and thermal cycle 
testing are shown in Figure B-l. In all cases, the application of an aluminide overcoat has 
resulted in a microstructure containing a high A 1 p (NiAl Type) matrix. The phases labeled 
include 7 (Ni solid solution), 7' (NbAl) type, p (NiAl type), and M23Q5. In some cases, cer- 
tain phases which can only be identified by X-ray diffraction or election microprobe are labeled 
as “other phases”. These other phases can include carbides, oxides, the sigma phase, the Mu 
phase, and the a - Cr phase. 
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Figure B-l. Phase Identification of Bond Coat Microstructure After Pre-Exposure and Thermal Cycle Testing 
(Concluded). 
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APPENDIX C - CYANIDE FINITE ELEMENT PROGRAM 


CYANIDE is a two-dimensional finite element program which can handle either plane 
stress, plane strain, or axisymmetric deformation. Tlie program can analyze structures sub- 
jected to any complex cyclic thermomechanical loading conditions including concentrated 
loads, pressure loads, thermal loads, and centrifugal loads. CYANIDE accounts for both time- 
independent plastic flow and time-dependent creep deformation. 

Plasticity is accounted for by using a modified Besseling subvolume method with multi- 
linear stress-strain curves which are temperature dependent. A typical stress-strain repre- 
sentation for one temperature is shown in Figure C-l. This method automatically reproduces 
certain aspects of real-material behavior important in the analysis of engine components. 
These include the Bauschinger effect, cross hardening, and memory. In addition to simulat- 
ing the material response very closely, Besseling’s method is also more economical than other 
methods. Implementation of the method involves revising the force vector by computing plas- 
tic forces which account for the plastic flow: 

[K] [6] = [F] + [F p ] (C-l) 


where K is the elastic stiffness, 

5 is the incremental displacement, 

F is the applied force 
F p is the plastic force. 

Since the method does not require modification of the stiffness matrix in the plastic itera- 
tions, it is consequently very economical. 

The creep analysis utilizes one of two possible creep representations. When tertiary creep 
is not considered to be of importance, the equation used is: 

e c =k<j"t m + qo£t (C-2) 


where 

°e = cr e = effective stress 

and 

k, m, n, q, r = material-dependent and temperature-dependent creep coefficients. 

This type of response is shown for one temperature in Figure C-2. 

When the material exhibits a significant amount of tertiary creep capability, an alternate 
representation is used. Primary creep is represented by the Bailey-Norton law. 
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Creep Strain (e ), in. /in. Stress, psi 


Strain (e) , in ./in. 

Figure C-l* Point by Point Stress-Strain Curve Representation* 



Time, hours 


Figure C-2. Creep Curve Representation for Constant Temperature* 
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e c P = Al^ft A3 


(C-3) 


Secondary creep is modeled with the expression proposed by Marine, Pao, and Cuff (42) 

ef = A4 oj 5 1 + A6 o£ 7 (C-4) 

Tertiary creep is represented with an equation of the form 

eJ=A8expA9aJ 10 t (C-5) 

Al, A2 ... A10 = material-dependent and temperature-dependent creep coefficients. 
This type of response is shown for one temperature in Figure C-3. 

CYANIDE also contains an orthotropic creep formulation. The creep strain rate is as- 
sumed to be given by 


£jj — Qijki ^ki 


(C-6) 


where 

£jj = strain rate tensor 
<*ki = stress tensor 

Qijki = tensor with components that are functions of temperature, 

or e , and hardening rule and are derivable from input creep curves. 

The user can select from time hardening, strain hardening, or life fraction creep rule, 
depending on the actual material characteristics. Strain hardening is ordinarily adequate for 
describing hardening behavior, providing that stress reversals do not occur. A stress reversal 
is considered to occur when 


(£ij)c ay < 0 (C-7) 

where(eij) c is creep strain measured from the current origin. When a reversal occurs the 
origin is changed, and the analysis proceeds (43). 

The combination of general creep equations and creep rule makes the program very 
general in application to structures which undergo time-dependent inelastic deformation. A 
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Figure C-3. Creep Strain Versus Time for Several Stress Levels, DS Rene 80 Material. 






solution is done for each time step using an iterative technique to predict incremental creep 
strain components and revise the right side of the basic structural stiffness matrix equation by 
adding a plastic force vector to account for the creep effects 

[K] {5} = {F} + {F P } . (C-8) 

C 

in a manner similar to that used in the Besseling technique for time-independent plasticity. 
Again, this method is very efficient; very large problems can be solved economically, and con- 
vergence has been shown to be very rapid. The benefits of the CYANIDE finite element 
program will be more evident when creep relationships are introduced later in this TBC 
analysis effort. 
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APPENDIX D - PRELIMINARY MODELING EFFORT 


Two-dimensional finite element models were used to determine the stress and deforma- 
tion fields in the TBC specimens. Several finite element models were examined and an axisym- 
metric model was selected to evaluate the fields. These results provided an important step in 
the development of TBC life prediction models. 

For the axisymmetric model, a longitudinal slice of a multilayer cylinder (Figure D-la) 
was examined. In this case, the assumption was made that the specimen model was sufficient- 
ly long that the cross sectional planes (perpendicular to axis) remain planar after deformation. 
For this geometry, two different axisymmetric models were investigated. The first had two 
layers in the axial direction (Figure D-lb), with the elements in the right layer made extremely 
rigid to resist the axial and shear deformation. The second model (Figure D-lc) had many 
layers in the axial direction, with the last layer very long (10:1 aspect ratio, not shown) in the 
axial direction. In both models, the goal was to enforce the uniform axial deformation. 

After careful examination, the decision was made to utilize the second axisymmetric model 
(Figure D-lc). 

The axisymmetric finite element model was used in two analytical tasks. Initially, the bond 
coat stress free temperature was assumed to be 982°C (1800°F), while the top coat stress free 
temperature was assumed to be 204°C (400°F). These are the temperatures of the substrate 
during application of these coatings. The material properties utilized in the model are listed 
in Appendix E. Stresses, which include effective, radial, axial, and hoop, were computed across 
the top coat, the bond coat, and the substrate in the radial direction. Both elastic and plastic 
deformation were included in the analysis, but no plasticity developed for the temperature 
conditions selected (time at temperature was not included). Analysis of the results for these 
two analytical tasks is discussed below. 

In the first analysis, the specimen was assumed to undergo the thermal cycle of 
21°C - 1093°C - 21°C in the furnace cycle test. Since this is a quasistatic test, the entire specimen 
was assumed to be at a given temperature. Effective, radial, axial, and hoop stresses versus 
distance in the radial direction are plotted in Figures D-2 through D-5 for four different 
temperatures [21°C (70°F), 204°C (400°F), 982°C (1800°F), and 1093°C (2000°F)]. As indi- 
cated, the stress-free temperature for the top coat was taken as 204°C (400°F); therefore, zero 
stress was found in the top coat at this temperature. However, after the top coat was applied 
to the bond coat, 982°C (1800°F) was no longer the bond coat stress-free temperature. There- 
fore, small stresses due to the top coat application are present in the bond coat at this tempera- 
ture. 

As observed in all plots, the model predicts extremely large stresses in the bond coat and 
top coat at 1093°C (2000°F). The high stresses in the top coat are probably relieved by 
microcracking. The results also indicate that large compressive stresses do develop in the 
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Axial Direction (A) 


a. Longitudinal Slice of Multilayer Cylinder. 
Figure D-l. Axisymmetric Model. 
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b. Layers of Finite Elements (Model 1) Figure D-l. Axisymnietric Model (Concluded). 
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Figure D-2. Plot of Effective Stress Versus Distance in the Substrate, Bond Coat, and Top Coat in the Radial 
Directions, CYANIDE Analysis for Task A (No Temperature Gradient). 
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Figure D-3. Plot of Radial Stress Versus Distance in the Substrate, Bond Coat, and Top Coat in the Radial 
Directions, CYANIDE Analysis for Task A (No Temperature Gradient). 
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Figure D-4. Plot of Axial Stress Versus Distance in the Substrate, Bond Coat, and Top Coat in the Radial 
Directions, CYANIDE Analysis for Task A (No Temperature Gradient). 
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Figure D-5. Plot of Hoop Stress Versus Distance in the Substrate, Bond Coat, and Top Coat in the Radial 
Directions, CYANIDE Analysis for Task A (No Temperature Gradient), 




ceramic as the temperature decreases. This is consistent with most theories associating TBC 
failure with the large compressive stresses that develop in the ceramic upon cooling. 

In the second analytical model, a temperature distribution across the TBC system was 
modeled. In this study, the surface of the ceramic was set at 1093°C (2000°C), the bond coat/top 
coat interface was set at 943°C (1730°F), the bond coat/top coat interface was set at 941°C 
(1725°F), and the inner wall of the tube was set at 927°C (1700°F). The stress profiles obtained 
were plotted (Figures D-6 through D-9) and compared with the results present when the sys- 
tem was at 21°C (70°F). Interestingly, the largest effective stress was found to be in the ceramic 
near the bond coat/top coat interface, which is the typical failure location for thermal barrier 
coatings. Comparison of the results of deformation behavior for the two temperature condi- 
tions (Figures D-2 through D-9) indicate how the presence of thermal gradients can affect the 
stress state present in TBCs. 
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VARIATION OF EFFECTIVE STRESS - TEMP GRADIENT CYANIDE ANALYSIS 
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Figure l)-6. Plot of Effective Stress Versus Distance in the Substrate, Bond Coat, and Top Coat in the Radial 
Directions, CYANIDE Analysis for Task B (Temperature Gradient). 
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Figure D-7. Plot of Radial Stress Versus Distance in the Substrate, Bond Coat, and Top Coat in the Radial 
Directions, CYANIDE Analysis for Task B (Temperature Gradient). 
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Figure D-8. Plot of Axial Stress Versus Distance in the Substrate, Bond Coat, and Top Coat in the Radial 
Directions, CYANIDE Analysis for Task B (Temperature Gradient). 
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Figure D-9. Plot of Hoop Stress Versus Distance in the Substrate, Bond Coat, and Top Coat in the Radial 
Directions, CYANIDE Analysis for Task B (Temperature Gradient). 




APPENDIX E - MATERIAL PROPERTIES USED IN CYANIDE PROGRAM 


Table E-l. Elastic Modulus of TBC Components. 


Temperature 

Rene 80 

N i-22Cr- 1 0A1-03 Y 

Zr 02 - 8 Y 2 0 3 

AI 2 O 3 

°C 

(°F) 

GPa (MSI) 

GPa (MSI) 

GPa (MSI) 

GPa (MSI) 



(Ref. 44) 

(Ref. 32) 

(Ref. 45) 

(Ref. 46) 

21 

(70) 

208 

(30.1) 

198 

(28.7) 

48 

(7.0) 

393 

(57) 

204 

(400) 

198 

(28.7) 

189 

(27.4) 

41 

(5.9) 

393 

(57) 

427 

(800) 

186 

(27.0) 

162 

(23.5) 

33 

(4.8) 

386 

(56) 

538 

(1000) 

180 

(26.1) 

151 

(22.0) 

31 

(4.5) 

379 

(55) 

649 

(1200) 

175 

(25.3) 

143 

(20.7) 

28 

(4.0) 

372 

(54) 

760 

(1400) 

166 

(24.0) 

134 

(19.4) 

26 

(3.8) 

365 

(53) 

871 

(1600) 

157 

(22.8) 

129 

(18.7) 

23 

(3.4) 

352 

(51) 

982 

(1800) 

145 

(21.0) 

124 

(18.0) 

21 

(3.0) 

338 

(49) 

1093 (2000) 

116 

(16.8) 

119 

(17.2) 

20 

(2.9) 

310 

(45) 

1204 (2200) 

86 

(12.5) 

— 


17 

(2.5) 
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Table E-2. Poisson’s Ratio of TBC Components. 


Temperature 
°C (°F) 

Rene 80 
(Ref. 44) 

N i-22Cr-l 0A1-03 Y* 

Zr02*8Y 2 0 3 
(Ref. 32) 

AI 2 O 3 
(Ref. 46) 

21 

(70) 

0.31 

0.31 

0.076 

0.28 

204 

(400) 

0.32 

0.32 

0.076 

0.28 

427 

(800) 

0.32 

0.32 

0.076 

0.29 

538 

(1000) 

0.33 

0.33 

0.076 

0.29 

649 

(1200) 

0.33 

0.33 

0.076 

0.30 

760 

(1400) 

0.34 

0.34 

0.076 

0.32 

871 

(1600) 

0.34 

0.34 

0.076 

0.34 

982 

(1800) 

0.35 

0.35 

0.076 

0.36 

1093 (2000) 

0.37 

0.37 

0.076 

0.40 

1204 (2200) 

0.39 

0.39 

0.076 



* 

Assumed identical to Rene 80 for initial studies. 
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Table E-3* Coefficient of Thermal Expansion (x 10 6 ). 




Rene 80 

N i-22Cr-10Al-03Y 

Zr 02 - 8 Y 2 0 3 

AI 2 O 3 

Temperature 

in/in/°C 

in/in/°C 

in/in/°C 

in/in°C 

°C 

(° F ) 

(Ref. 44) 

(Ref. 32) 

(Ref. 45) 

(Ref. 46) 

21 

(70) 

12.4 

11.1 

7.6 

6.9 

204 

(400) 

12.7 

11.7 

8.5 

7.1 

427 

(800) 

13.1 

12.8 

9.4 

7.4 

538 

(1000) 

13.4 

13.3 

9.9 

7.7 

649 

(1200) 

13.6 

13.6 

10.3 

8.0 

760 

(1400) 

14.3 

14.0 

10.9 

8.2 

871 

(1600) 

15.0 

14.8 

11.2 

8.5 

982 

(1800) 

16.0 

15.6 

11.7 

8.7 

1093 

(2000) 

17.2 

16.7 

12.2 

9.1 

1204 

(2200) 

18.4 

— 

12.6 
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APPENDIX F - CALCULATED STRESS AND CREEP STRAIN CURVES 


Figures F-l through F-8 show the calculated stresses and creep strains in the top coat at 
the top coat/bond coat interface of thermal barrier coated tubular and button specimens during 
the thermal cycle shown in Figure 32. Calculated values were obtained using the CYANIDE 
finite element program described in Section 4.1 and Appendix C of this report. 

One interesting feature of the analysis is shown in Figures F-l and F-3 and demonstrated 
the asymmetry of the creep generated in the top coat during the thermal cycle. Note that the 
increment in stress upon heat-up is less than the decrement during the cool down phase. A 
careful examination of Figure F-3 shows that there is a small but measurable amount of creep 
generated during the heating but very little creep during cooling. This results from higher 
stress during heat-up and also from more primary creep. The increased creep lowers the max- 
imum stress and leads to greater unloading during the cool down part of the cycle. 
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Tubular Specimen. Bond Coat Thickness 0.13 mm. 
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Tubular Specimen. Bond Coat Thickness 0.13 mm. 
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Figure F-3. Calculated Normal Creep Strain in Top Coat at Top Coat/Bond Coat Interface of Thermal Barrier 
Coated Tubular Specimen. Bond Coat Thickness 0 *13 mm. 
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Figure F-5. Calculated Normal Stress in Top Coat at Top Coat/Bond Coat Interface of Thermal Barrier Coated 
Button Specimen. 
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Figure F-6. Calculated Shear Stress in Top Coat at Top Coat/Bond Coat Interface of Thermal Barrier Coated 
Button Specimen. 
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Figure F-7. Calculated Normal Creep Strain in Top Coat at Top Coat/Bond Coat Interface of Thermal Barrier 
Coated Button Specimen. 
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Figure F-8. Calculated Shear Creep Strain in Top Coat at Top Coat/Bond Coat Interface of Thermal Barrier 
Coated Button Specimen. 



APPENDIX G - STRESS-FREE REFERENCE TEMPERATURE 


The concept of the stress-free reference temperature provides a convenient and economi- 
cal approach for incorporating the effects of processing history. This approach will be briefly 
reviewed and illustrated with an example. 

The stress-free reference temperature is computed by 

AT NR = T NR -T R = ^|^i(T SF -T R ) (G-l) 

where 

T nr = Stress-free reference temperature 
T r = Reference temperature, 70°F 
T S f = Stress-free temperature 

a c = Thermal expansion coefficient of the coating at Tsf 
a s = Thermal expansion coefficient of the substrate at Tsf 
c*n R = Thermal expansion coefficient of the coating at Tnr 

The stress-free temperature, Tsf, may be determined according to the coating process. 
Consider a simple process in which the base metal is heated up to some temperature, then the 
molten coating material is applied on to the base metal, and then it is cooled down to room 
temperature. In this case the stress-free temperature is the temperature of the base metal at 
which the coating material is applied. If the coating process ends with an annealing process 
which removes the residual stresses totally, then the stress-free temperature will be the an- 
nealing temperature. 

The above equation contains two unknowns, Tnr and <*nr, but the thermal expansion is 
a known function of temperature; in most cases linear interpolation can be used. In general, 
the interpolation can be written 

a T~ a TR _ «NR ~ a TR (G-2) 

T-Tr t nr -t r 

where T is some other temperature, aT is the thermal coefficient of expansion at that 
temperature, aTR is the thermal coefficient of expansion at the reference temperature, and 
the other quantities are defined above. 

For a simple case of a coating and a substrate, the coating is applied at 982°C so that is the 
stress free temperature and the reference temperature is taken as 21°C. The coefficents are 
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etc (982°C) = 1 5.66 x 1 0" 6 m/m/C 
a s (982°C) = 1 6.04 x 1 Cf 6 m/m/C 

and substituting into equation (G-l) 

AT nr a NR = -365. 1 8 x 1 0' 6 (G-3) 

The additional data required is: 

T r = 21 °C, a TR = 1 1 .1 6 x 1 0" 6 m/m/C 
T = 204°C, a T = 1 1 .79 x 1 0" 6 m/m/C 

Substituting into equation (G-2) 

a NR = 0.00344 x 1 0" 6 AT NR + 1 1 .1 6 x 1 0 -6 

and then into (G-3), 

0.00344 AT |^ 2 + 1 1 .1 6 AT NR + 365.1 8 = 0 

Solving and selecting the appropriate root leads toTNR = -12.4°C 

When a third coating is added, the constraint of the bond coat must be taken into account 
when calculating the stress-free reference temperature of the top coat. This is done by match- 
ing the thermal expansion of the top and bond coat at the interface at the top coat application 
(stress-free, Tsft) temperature. If U is the thermal expansion of the bond coat at Tsft, then 


U-oc ct (T sft -T r ) -a NRT (Tnrt-T r ) 
where the subscript T refers to the top coat. 

The procedure is identical to the previous exercise with the interpolation relation (G-2) 
supplying the second expression for Tnr2 and aNR2. Substituting the properties of the top 
coat and the expansion of the bond coat leads to 

"1"nR2 ~ — 21 8.6°C 
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